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Abstract


The bending stiffness of flexible pipes is highly dependent on curvature, driven by the interaction between their structural layers—a behavior often misrepresented by traditional numerical models. To overcome this limitation, a finite-difference-based model was developed, integrating previously proposed formulations for monotonic bending and axisymmetric responses into a return-mapping algorithm to capture hysteretic behavior under cyclic loading. The model was calibrated against pure bending and pressurized tests, accounting for interlayer adhesion and friction, which govern stiffness variation, force levels, and energy dissipation. Results showed excellent agreement with experimental data across different load combinations, confirming the model’s predictive capability. Parametric analyses revealed that higher adhesion and friction coefficients increase imposed forces until a no-slip condition is achieved, while energy dissipation follows a nonlinear dependence on interlayer friction, peaking at intermediate values and vanishing under no-slip conditions. Cyclic bending tests performed on degraded samples demonstrated that, despite wire deterioration, the global bending response remains essentially unchanged, reinforcing the stability of riser behavior over time. However, fatigue resistance must still be reassessed through updated S–N curves to account for material degradation. These findings underscore the crucial role of interlayer mechanics in determining the overall performance of flexible pipes and offer a validated framework for assessing fatigue and integrity.
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1. Introduction


Unbonded flexible pipes are crucial in offshore systems, serving as conduits for oil production, water injection, gas transportation, and service lines. They offer key advantages, such as enabling early production systems, adapting to subsea layout changes, and reducing installation time compared to rigid pipelines. In a typical unbonded flexible pipe, as in Figure 1, mechanical resistance is mainly provided by three metallic layers: the carcass, the pressure armor, and the tensile armor layers. The carcass, when present, is the innermost layer, composed of profiled stainless steel strips wound at nearly 90° to withstand external pressure. The pressure armor layer resists internal pressure and typically consists of one or two Z-shaped carbon steel strips, laid at angles close to 90°. The tensile armor layers comprise high-alloy carbon steel wires with approximate rectangular cross-sections arranged in pairs (one or two pairs) and wound in opposing directions at angles between 20° and 55°. Their primary function is to resist tensile loads, torsion, and end cap effects. In contrast, internal and outer polymeric sheaths ensure tightness, while antiwear polymeric tapes reduce friction and wear between the metallic layers during the pipe operation. Furthermore, depending on design requirements, the structure may include insulation layers, a protective outer sheath, and high-strength tapes, as specified in [1].



Brazil’s flexible pipe industry benefits from strong manufacturing capabilities and a substantial fleet of installation vessels. However, flexible pipe technology faces challenges at extreme depths, in high-temperature environments, and in environments with elevated contaminant levels. These limitations may impact their effectiveness in offshore hydrocarbon exploration, particularly in Brazil’s Pre-Salt region [2]. For instance, flexible risers (e.g., Figure 1) are used in dynamic applications, connecting production units to flowlines, seabed equipment, and other floating structures [1]. These structures must resist operational and environmental loads that subject them to cyclic tensile forces and bending moments, especially at the riser support, where high axial loads and curvatures co-occur. The intensity of these loads increases with depth and operating pressures, which have both steadily risen over recent decades. In 2000, the average operating depth was approximately 650 m, with design pressures of 225 bar. By 2020, these values had increased to 1450 m and 320 bar [3].



The design of flexible risers involves iterative local and global analyses [4]. Local analyses model each pipe layer to determine the mechanical properties of the pipe (axial, torsional, and bending stiffnesses), which are then used in global finite element (FE) models to evaluate the riser’s response to environmental loads and vessel motions. In global models, while axial and torsional stiffnesses are generally assumed constant, accurately representing the nonlinear variation in bending stiffness with curvature remains a challenge. The design process concludes with refined local analyses to verify stresses, strains, and fatigue resistance under axisymmetric and bending loads. Hence, this process requires specific local models to account for the effects of axisymmetric and bending loads in the pipe structure, as well as global models that incorporate the nonlinear response of these structures.



The local mechanical response under axisymmetric loading has been extensively studied using analytical and numerical models. Early analytical formulations, which are based on equilibrium and compatibility equations with simplifying assumptions [5,6,7], evolved with the inclusion of the Clebsch–Kirchhoff theory for curved beams [8], polymeric sheath effects, and possible layer separation [9,10], which improved predictions of axial compression and torsion. Their predictive capability was validated by blind tests [11] and subsequent experimental studies [12,13]. Later works incorporated material nonlinearities [14,15], pressure and thermal effects [16,17] into the extensional–torsional response of the pipe, as well as structural defects [13,18]. Dedicated analytical models have also addressed failure mechanisms such as collapse, burst, and tensile armor buckling [19,20,21,22,23].



Numerical models, typically FE-based, require fewer assumptions but entail higher computational cost. They capture geometric imperfections, nonlinear interlayer contact (including friction and gap opening), and material nonlinearities, making them suitable for both operational and failure analyses. Simplified representations, such as equivalent layers, unit cell approaches, or macroelements [17,24,25,26,27,28,29], reduce computational effort while maintaining accuracy. These models have demonstrated good agreement with experimental data and analytical predictions [11,12,13,24,30]. For radial failure modes (collapse and burst), both equivalent and direct modeling approaches [31,32,33,34,35] are employed; direct models, although more costly, remain feasible due to the limited model length required.



While axisymmetric responses are well understood, the bending behavior of flexible pipes remains less clearly characterized. Analytical bending models typically focus on the moment–curvature relationship or stresses in tensile armor wires, whereas FE models offer greater versatility at a higher cost. A central challenge for both approaches is representing interlayer friction, which governs stiffness transitions from no-slip to full-slip states and produces a hysteretic response dependent on curvature and axial load.



Axisymmetric loads generate interlayer contact pressures and friction forces that restrict relative motion between layers when the pipe is bent. At low curvatures, this friction prevents tensile armor wire slippage, and the pipe exhibits its maximum (no-slip) bending stiffness (1), as shown in Figure 2. As curvature increases, friction is overcome and wires begin to slide (2), reducing stiffness until it stabilizes at the minimum (full-slip) value (3). Further bending may cause wire contact, increasing stiffness, while load reversal restores adhesion and the no-slip condition (4). This friction-controlled process produces a hysteretic response, whose accurate stiffness evaluation must also consider polymeric layers and axial loads.



Recent studies have deepened the understanding of flexible pipe bending by focusing on layer interaction and initial contact pressure. Dong et al. [36], building upon the work of Kebadze and Kraincanic [37], developed an analytical model that incorporates helical element bending and torsion, and validated it against Witz’s [11] tests, which required an initial contact pressure of 1.5 MPa for convergence. Ye et al. [38] introduced a correction factor for antiwear tapes and found discrepancies in hysteresis at low pressures due to manufacturing-induced contact, which diminished with increasing internal pressure. Kim et al. [39] refined these models by including shear deformation in polymeric layers and curvature-dependent contact forces, achieving better agreement with FE simulations. Dai et al. [40] further explored friction modeling, showing that a smoothed Coulomb law best balanced accuracy and convergence, with friction coefficients requiring pressure-based calibration. Wang et al. [41] proposed a simplified 3D FE model using a double-helix beam contact, significantly reducing computational cost while preserving accuracy, calibrated through initial stresses and strains. At the wire scale, Fang et al. [42] demonstrated that analytical models perform well for round wires but deviate for rectangular ones. Finally, Tang et al. [43] conducted combined tension–bending tests on an 8-inch pipe, confirming good agreement between the experiments and analytical predictions based on tendon slip behavior.



Another key aspect concerns the local–global coupling in flexible pipe design. Global analyses of flexible pipes are typically performed using dedicated software, such as Orcaflex (version 11.5e) [44,45,46], Riflex (version V11.0) [47], or ANFLEX (Petrobras’ in-house software) [48], which model long flexible risers as beam elements with equivalent mechanical properties. Although these tools can represent the nonlinear bending moment–curvature relationship, the underlying modeling frameworks are often not fully documented, which may hinder potential modifications or, for example, the implementation of similar formulations in more general FE packages such as ANSYS (version 2025 R2) or Abaqus (version 2025 FD03).



In summary, while the axisymmetric response of flexible pipes is well established, uncertainties persist regarding bending behavior, mainly due to interlayer friction. Global models still rely on specialized black-box software, and few experimental studies address cyclic bending or armor degradation issues, critical for long-term performance [2]. Therefore, this work proposes a theoretical approach to analyze the response of a 2.5″ flexible pipe subjected to combined axisymmetric and bending loads in a four-point bending test. The approach integrates a finite difference (FD) global model with a local model that captures the nonlinear variation in bending stiffness. Experimental tests were conducted to calibrate and verify the proposed model, including a second testing phase after controlled armor degradation.



Next, the 2.5″ pipe is described, followed by a detailed description of the experimental apparatus and test procedures. Subsequently, the proposed theoretical approach is introduced and applied to simulate the experimental tests described. The obtained results are compared to provide insights into the pipe’s response to combined bending and axisymmetric loading for both non-degraded and degraded tensile armors. Finally, the study’s main conclusions are established.




2. Experimental Tests


2.1. Flexible Pipe Characteristics


The experimental tests conducted in this study employed a sample of a 2.5″ flexible pipe (internal diameter of 63.5 mm), whose characteristics are presented in Table 1. The pipe operated as a flowline at a water depth close to 1000 m with an internal design pressure of 20.7 MPa.



The layers’ thicknesses were measured directly from samples extracted from the pipe. The properties of the metallic materials and the polymeric tapes were determined based on data available in the literature. However, the material properties of both the inner and outer sheaths play a crucial role in predicting the pipe’s response to bending, especially in the full-slip regime. Therefore, experimental tests were conducted to assess the stress–strain curves for these materials, following the ASTM D638-22 [49] standard. Figure 3 illustrates the experimental setup and the samples before and after the tests, while Figure 4 shows the resulting curves for the inner and outer sheaths.



According to ASTM D638-22 [49], at least five tensile tests are required, and the Young’s modulus for each test is the slope of the straight part of the graph close to the origin. Seven tests were performed using inner sheath samples, and six tests were performed using outer sheaths. Table 2 indicates average Young moduli for the inner and outer sheaths of 372 MPa and 622 MPa, respectively. Finally, a Poisson coefficient of 0.45 was adopted for both layers [50].




2.2. Experimental Apparatus


The experimental tests employed a sample of the 2.5″ flexible pipe described in Section 3.1. The sample had a total length of 4.70 m, including two end-fittings (EF) with a length of 0.35 m each. Hence, the sample’s total free span was 4.00 m, which is higher than the minimum values of 10xID (=635 mm) or 3.0 m, as suggested by API RP 17B [51] for full-size pipes.



The experimental apparatus was developed to conduct a four-point bending test, as shown in Figure 5. One end of the specimen was fixed to restrict the axial translation. In contrast, the opposite end was connected to an axial actuator (20 kN capacity) equipped with a load cell, allowing free axial movement. This apparatus ensures that any specimen elongation, whether due to internal pressurization or bending, does not result in additional tensile forces, i.e., the axial load remains constant during the test cycles.



Moreover, both ends of the specimen were free to rotate, a condition achieved through a pivot mechanism integrated with the EF grooves. A bidirectional transverse actuator with a maximum capacity of 100 kN, monitored by a load cell with a measure range up to 25 kN, was mounted to a rigid fork system that distributed the load across two application points via a roller mechanism. This configuration prevented the introduction of unwanted bending moments or secondary loads into the specimen.



Displacements were measured at seven distinct points along the sample using linear transducers equipped with potentiometers, as shown in Figure 5. The sensors were fixed to the apparatus and connected to clamps positioned along the sample via steel wires. Five clamps were employed between the contact points of the transverse actuators, with one clamp located in each region adjacent to the connectors. The distance between the contact points of the transverse actuators was 1.78 m, corresponding to approximately four pitches of the external tensile armors.




2.3. Test Execution


The test procedure involved pressurizing the sample, applying an axial load, and executing bending cycles with transverse actuator displacements at a maximum amplitude of 150 mm. The apparatus was designed to record the parameters measured during the cyclic loading. Five cycles were imposed in each test. Another essential aspect of the performed tests was evaluating the impact of the tensile armors’ wires degradation on the bending response of the flexible pipe.



The degradation of the wires was induced by flooding the annular space of the pipe with a mixture of synthetic seawater and CO2. Initially, a heating system was implemented to maintain a constant temperature of 40 °C during the degradation process. An electronically controlled electric trace was helically wrapped around the outer sheath of the pipe with a 50 mm pitch and secured using aluminum tape to enhance thermal conductivity, as shown in Figure 6a. After that, two PT100 temperature sensors were attached to the specimen and connected to a control panel for real-time temperature regulation. Thermal blankets were wrapped around the pipe body to improve thermal insulation, as shown in Figure 6b.



After the heating system was assembled, the annular flooding system, shown in Figure 7, was installed. The test was conducted with the annular space flooded using synthetic seawater and continuous CO2 circulation at 1 bar. Before initiating the test, the annulus was pre-filled with CO2-saturated water. To ensure stable and uniform conditions throughout the experiment, CO2 was continuously introduced through one end-fitting, and its discharge was monitored at the end-fitting on the opposite side. The complete testing procedure followed these sequential steps: initial inertization, reservoir filling and fluid saturation, reservoir fluid saturation, sample filling, and CO2 bubbling. Upon completion of the test, two post-test procedures were executed, i.e., N2 bubbling and final inertization.



The initial test T0 imposed only axisymmetric loads on the pipe. Then, the bending test campaign (T1) was conducted using the sample with its original characteristics. Following this, the sample underwent an 18-month degradation period. Subsequently, the second test campaign (T2) was carried out. A summary of the test conditions is provided in Table 3.





3. Theoretical Approach


3.1. Overview


The main challenge in capturing the bending behavior of flexible pipes lies in the nonlinear relationship between bending stiffness and the imposed curvature. As discussed in Section 1, this nonlinearity primarily arises from the frictional forces generated by the axisymmetric loading, which limit the relative sliding between layers. Modeling this behavior requires a detailed representation of the pipe’s internal structure, or the development of an equivalent approach.



In the first approach, the computational cost is generally high, requiring a detailed representation of the pipe’s internal layers, and is only feasible for the analysis of flexible pipes with short lengths. However, this approach enables a direct representation of both global and local responses, allowing for the accurate capture of the relationship between the pipe’s bending moment and curvature. In contrast, the second approach relies on prior knowledge of this relationship under various loading conditions to model the pipe’s global behavior. Such information is typically obtained through local analytical or numerical models and incorporated into the formulation of two- or three-dimensional beams, whose structural stiffness is updated incrementally as the applied load varies in the global analyses. Although this method decouples global and local responses, it significantly reduces computational cost by modeling the pipe as an equivalent beam, enabling the simulation of long pipe segments, as required in the experimental tests described. Additionally, these equivalent models can be developed using either the FE method or the FD method. This work chose an FD-based model for its simplicity and efficiency in simulating the experimental tests.



Hence, next, the models employed to analyze the local response of the studied flexible pipe under axisymmetric and bending loads (local models) are described. Following this, a numerical global model is established to analyze the global response of the flexible pipe under the considered experimental loads. Altogether, these models establish the theoretical approach proposed in this work.




3.2. Local Models


3.2.1. Axisymmetric Loads


The initial step in determining the bending response of flexible pipes involves assessing their response to axisymmetric loads, including tension, torsion, and both internal and external pressures. As discussed in Section 1, various models have been developed for this purpose, leading to similar results. Hence, in this study, the model presented by Feret and Bournazel [6] is applied. In this model, a simplified solution to determine the effects of axisymmetric loads may be obtained by considering the following premises:




	
Small displacements.



	
The same elongation and twist in all layers.



	
Negligible contribution of plastic layers to the pipe’s mechanical resistance. These layers only transmit pressure.



	
No gaps occur between layers.








Considering these assumptions, a linear system of equations may be used to calculate the response for a particular flexible pipe structure. The axial, radial, and torsional balances are, respectively, described as:


    ∑  i = 1     N   a        n   i       σ   i     A   i     cos       α   i       = T + π   P   i n t     r   i n t   2   − π   P   e x t     r   e x t   2   =   T   r e   ,  



(1)






    ∑  i = 1     N   a           n   i     σ   i     A   i     sin       α   i       t a n     α   i       2 π   r   i        =   P   i n t     r   i n t   −   P   e x t     r   e x t   ,  



(2)






    ∑  i = 1     N   a        n   i     σ   i     A   i     sin       α   i         r   i     =   T   O   .  



(3)




where   T   and     T   r e     are the effective and real axial tensions [52],     P   i n t     and     P   e x t     are the acting internal and external pressures,     T   O     is the imposed torsional moment,     r   i n t     and     r   e x t     are the radii where the internal and external pressure act,     N   a     is the number of metallic layers in the pipe,   n   is the number of wires in the considered layer,   A   is the cross-section area of the wire (or tendon),   α   is the laying angle of the wire as depicted in Figure 8, and   r   is the layer mean radius.



In layer   i  ,   i = 1 ⋯   N   a    , the normal stress     σ   i     induced in the wires’ cross-sections may be stated as:


       σ   i       E   i      =   c o s   2       α   i        ∆ L   L    +   s i n   2       α   i        ∆ r     r   i      +   r   i     sin       α   i         cos       α   i          ∆ θ   L     



(4)




where   E   is the material Young modulus of the considered metallic layer,   L   is the length of the pipe,   ∆ L   is the pipe axial elongation,   ∆ r   is the radial variation, and   ∆ θ   is the pipe twist.



The interlayer contact pressure     P   c    , is given by:


    P     c   i + 1     =   P     c   i     − ∆   P     c   i      



(5)




where     P     c   1     =   P   i n t    ,     P     c     N   a   + 1     =   P   e x t     and:


  ∆   P     c   i     =      n   i     σ   i     A   i     sin       α   i       t a n     α   i       2 π   r   i   2       



(6)







Finally, the apparent axial stiffness     E A   a p     of the pipe may be defined as:


    E A   a p   =   T   r e   ·    L   ∆ L    =   T + π   P   i n t     r   i n t   2   − π   P   e x t     r   e x t   2     ·    L   ∆ L     



(7)







In this study, the apparent axial stiffness is employed to verify the accuracy of the axisymmetric model before conducting the bending tests.




3.2.2. Bending Loads


Monotonic Loading


As discussed in Section 2, the response of a flexible pipe to bending is nonlinearly associated with the imposed curvature. In this study, the model proposed by Wang et al. [41] was implemented with a few modifications.



Figure 9 depicts the monotonic bending moment–curvature relation for a tensile armor layer. In the first zone, the wires are attached to their adjacent layers, and no slip is observed (no-slip or stick zone). After reaching the critical curvature     κ   c r     The friction is insufficient to prevent interlayer relative movement, and slip starts in part of the pipe section (partial slip zone). When the imposed curvature reaches     κ   f    , the slip is fully developed (full-slip zone).



The initial critical curvature     κ   c r     and the related bending moment     M   c r     for the onset of the tensile armors’ slippage are given by [41]:


    κ   c r   =      τ   0   + μ   P   c t       F   f   E s i n ( α )   c o s   2   ( α )        1 + ξ    



(8)






    M   c r   =    π   r   a   2     c o s   2   ( α ) (   τ   0   + μ ·   P   c t   )   s i n ( α )     



(9)




where     τ   0     is the adhesion or initial contact pressure between the layers,   μ   is the friction coefficient,     P   c t     is the total contact pressure (sum of the acting pressures at the interfaces) between the layers due to the axisymmetric loads,     F   f     is the shape factor of the tensile armor wire (typically, 0.95),     r   a     is the mean radius of the tensile armor, and   ξ   is given by:


  ξ =      E   s   b   2   1 +   ν   s       t   s       



(10)




where     E   s     and     ν   s     are the Young modulus and the Poisson ratio of the polymeric layer,     t   s     is the thickness of the polymeric layer, and   b   is the width of the tensile armor wire



The adhesion     τ   0     is a modification to the model proposed in this study to account for the effect of an initial interlayer contact pressure in the pipe, which is not attributable to axisymmetric loading. Its influence is substantiated by the experimental results presented in Section 4, where a pronounced hysteretic response is observed even in the absence of axisymmetric loads. This condition has also been documented in previous investigations, wherein an additional contact pressure was incorporated into the calculated     P   c t     for model calibration purposes [36,38,41].



The curvature and the moment at which the tensile armor reaches the full-slip state are [41]:


    κ   f   =    π ·   κ   c r   m i n     2    ,  



(11)






    M   f   =    4     M   c r     π    .  



(12)







When curvature is imposed on the pipe, the polymeric layers deform in shear, which alters the critical curvature at which the tensile armor wires start to slip. To account for this effect, a correction factor   ξ   was introduced in Equation (8). Furthermore, this study proposes that when multiple polymeric layers are arranged in series beneath or above the tensile armors, an equivalent factor     ξ   e q     should be considered to estimate the tangent stiffness of the combined layers:


     1     ξ   e q      =   ∑  i = 1     N   p l         1     ξ   i        ,  



(13)




where     N   p l     is the number of polymeric layers considered.



Then, for a particular tensile armor   j   in layer   i  , the bending moment     M   w     as a function of the curvature can be described as:


    M     w   j     ( κ )                                                                                                                                                                                                                                                                                                                                            =               M   c r     j         κ   c r     j      · κ ,     0 ≤ κ ≤     κ   c r     j         4   F   f     r   j   3     t   j     c o s   2   (   α   j   )        E   i     cos       α   j             θ   c r     j   −   cos         θ   c r     j       sin         θ   c r     j           κ   2   ξ   i      +        τ   0   + μ     P   c t     i       cos         θ   c r     j           F   f     t   j     sin     α          ,         κ   c r     j   < κ ≤     κ   f     j              M   f     j   ,         κ   f     j   < κ        



(14)




where     θ   c r     is the critical circumferential angle that defines the boundaries in the pipe cross-section between the slip and no-slip zones according to Figure 8, where   θ = 0 °   represent extrados and   θ = 180 °   the intrados, and for each curvature   κ  ,       θ   c r     j     is calculated with:


       π   2   −     θ   c r     j     s i n     π   2   −     θ   c r     j        =    κ       κ   c r     j      .  



(15)







So, for each tensile armor present in the structures, a relation     M   t   ( κ )   is to be calculated, and the overall contribution of the tensile armors     M   t     in layer   i   is given by:


      M   t     i   ( κ ) =   ∑  j = 1     n   i          M   w     j   ( κ )   ,  



(16)







During the bending of the pipe, local torsion and bending effects are observed in the tensile armor wires. These effects cause an increase in the stiffness of the pipe, represented by the expression [41]:


    E I   b t   =    1   2      ∑  i = 1     N   a        n   j       E   i       I   n     i     ( 1 +   s i n   2   (   α   i   )   2     cos       α   i       +   E   i       I   b     i     c o s   7       α   i     +   G   i     J   i     s i n   2   (   α   i   )   c o s   5   (   α   i   )     ,  



(17)




where     I   n    ,     I   b    , and   J   are the normal and binormal moments of inertia and the torsional constant of the wire cross-section, and   G   is the shear modulus of the wire material.



Hence, the moment–curvature relation for a flexible pipe subjected to bending and axisymmetric loading is given by:


  M   κ   =   ∑  i = 1     N   a          M   t     i   ( κ )   +     E I   p s   +   E I   b t     κ ,  



(18)




where the polymeric sheaths’ contribution to the stiffness     E I   p s     is:


    E I   p s   =    π   64      ∑  i = 1     N   p s            E   p     i       D     e p   i     4   −   D     i p   i     4         ,  



(19)




and     N   p s     is the number of polymeric sheaths in the pipe,     E   p     is the Young modulus of the polymeric sheath,     D   e p     and     D   i p     are the external and the internal diameter of the sheath. Analogously to     E I   b t    , this contribution remains constant regardless of the imposed load.



When the direction of bending is reversed, the layers that were sliding re-adhere, and the stiffness returns to no-slip. This effect causes the hysteresis loop that characterizes the behavior of flexible pipes subject to bending. The modeling of this cyclic response is presented next.




Cyclic Loading


Aiming to model the hysteresis loop described in Section 1, two hypotheses are assumed.



	
The bending response does not depend on the load rate: the pipe’s response to bending only depends on the acting bending moment, curvature, and contact pressures resulting from the axisymmetric loading at a given time. This hypothesis is reasonable to represent the experimental tests in this study, as the loads were imposed to minimize dynamic effects, and it finds support in previous experimental and numerical studies [11,36,38,41].



	
The sliding surface translates without changing its size: this hypothesis ensures that the pipe retains memory of the loading direction, allowing the position of the critical curvature to adjust with the cyclic load. As qualitatively shown in Figure 2, the critical curvature varies with load reversal, exhibiting a response similar to the Bauschinger effect observed in metals.






Hence, by relying on these two hypotheses, the cyclic bending response can be compared to a rate-independent plasticity problem with kinematic hardening. In this case, the cyclic bending response of a flexible pipe can be represented by adapting the return-mapping algorithm proposed by Simo and Hughes [53] as shown in Figure 10.



In the proposed algorithm,   E I   represents the tangent stiffness at a given curvature. However, the algorithm presented by Simo and Hughes [53] considers a bilinear relation between the quantities (stresses and strains). In contrast, the bending moment–curvature described in the previous section exhibits a nonlinear transition between the no-slip and full-slip regimes. Hence, the tangent stiffness   E I   employed is given by:


  E I ( κ ) =            d M   κ     d κ      ,         before   first   load   reversal            d   M   d     κ     d κ      ,     otherwise       ,  



(20)




where     M   d     is the unloading bending moment vs. curvature curve:


    M   d     κ   =          E I   n s   · κ ,     κ ≤ 2   κ   c r         M   κ −   κ   r     +   E I   n s   ·   κ   r   ,     κ > 2   κ   c r         ,  



(21)




and     κ   r     is the curvature at each load reversal, and the no-slip bending stiffness     E I   n s     is stated as:


    E I   n s   =   E I   0   .  



(22)










3.3. Global Model


3.3.1. Differential Equation


The flexible pipe sample is assumed to be a beam subjected to axial and transverse loads, as illustrated in Figure 11a. The coordinate system is positioned at the fixed end of the pipe, and the length   L   corresponds to the distance between the pivot points where the sample is fixed to the test bench. The transverse forces applied by the actuators are denoted by     F   A     and     F   B    , while     R   1     and     R   2     represent the reaction forces at the supports. The axial effective load is represented by   T  , distances     x   A     and     x   B     indicate the locations where the actuators contact the sample, and the transverse displacement imposed by the actuators at points   A   and   B   are assumed equal by hypothesis. In this model, the self-weight of the sample and its effects are neglected, and the assumption of small incremental displacements is considered valid.



The bending stiffness of a flexible pipe (either the no-slip or the full slip values) is much lower than its axial stiffness. Moreover, the relation between the free span of the pipe in the experimental apparatus (4.0 m) is more than 10 times higher than the pipe’s outer diameter (121.18 mm). Hence, the beam proposed in Figure 11a may be assumed to be slender, and shear effects can be neglected. By relying on this hypothesis, the bending moment   M   acting in the beam is related to the bending strain energy   U   as in Equation (23).


  M   κ   =    d U   κ     d κ    .  



(23)







The bending strain energy   U   is expressed as:


  U   κ   =    1   2    E I   κ     κ   2   ,  



(24)







By considering Equation (23) in Equation (24), the bending moment is given by


  M   κ   = E I   κ   κ +      κ   2     2       d E I ( κ )   d κ     



(25)







As discussed in Section 1, the bending stiffness of a flexible pipe progressively reduces from the no-slip value to the full-slip value. Hence, if sufficiently slight curvature variations are imposed on the pipe, the change in the bending stiffness value will also be small. Moreover, relatively low curvatures were achieved in the experimental tests (maximum values were close to 0.1 m−1). Altogether, these aspects indicate a negligible contribution of the quadratic term in Equation (25), which may be rewritten as:


  M   κ   = E I   κ   κ  



(26)







The curvature   κ   at a cross-section distant   x   from the origin (Figure 11a) depends on the vertical displacement   y   imposed by the transverse forces     F   A     and     F   B    . By representing forces     F   A     and     F   B     as   F =     F   A   ,   F   B       to simplify the notation, and assuming small angle variations (     d y ( x , F )   d x    ≪ 1  ), the curvature variation is expressed as:


  κ   x , F   =        d   2   y ( x , F )   d   x   2           1 +       d y ( x , F )   d x       2       3 / 2      ≅      d   2   y ( x , F )   d   x   2       



(27)







Moreover, the total bending moment is the sum of the first-order moments imposed by the transverse forces   F   and second-order moments related to the beam’s transverse displacement and the acting axial load. Therefore, the total bending moment   M   is:


  M   x , F   =   M   ( 1 )     x , F   − T y ( x , F ) ,  



(28)




where


    M   ( 1 )     x , F   =         1 −      x   A     L      · x ·   F   A   +   1 −      x   B     L      · x ·   F   B   ,     0 ≤ x ≤   x   A           1 −    x   L      ·   x   A   ·   F   A   +   1 −      x   B     L      ·   x · F   B   ,       x   A   < x ≤   x   B           1 −    x   L      ·   x   A   ·   F   A   +   1 −    x   L      ·     x   B   · F   B   ,       x   B   < x ≤ L       ,  



(29)







By rewriting Equation (26) considering Equations (27) and (28), a second-order differential equation is obtained:


       d   2   y ( x , F )   d   x   2      −   β   2     x , F   y   x , F   +      M     1       x , F     E I   x , F      = 0 ,  



(30)




where the bending stiffness   E I   depends on the analyzed cross-section in the beam and the imposed transverse load, and   β   is given by:


  β   x , F   =     T   E I ( x , F )      



(31)







For the described test setup, the boundary conditions consist of fixed supports at both ends, such that   y   0   = y   L   = 0  . In addition, displacement compatibility requires equal displacements at both actuator points,   y     x   A     = y     x   B      .



Equation (30) indicates that the lateral displacement of the beam depends on the bending stiffness at each of its cross-sections, which, in turn, is a function of the imposed curvature. Therefore, the local model proposed in Section 3.2 is employed in this work. However, the nonlinear variation of   E I   with the imposed loading does not allow a closed-form solution of Equation (30), and a numerical procedure is required. This procedure is described next.




3.3.2. Discretization


In this work, Equation (30), which represents the structural model presented in Figure 11a, is solved relying on the FD method. Initially, the beam is discretized as indicated in Figure 11b, in which the axial position     x   l     of a point   l   is


     x   l + 1   =   x   l   + l   h   l     ,   l = 1 ⋯   n   t   − 1  ,  



(32)




where     x   1     = 0,     n   t     is the total number of discretization points in the beam, and     h   l     is the spacing between two consecutive points     x   l     and     x   l + 1    , i.e.:


    h   l   =            x   A       n   A   − 1    ,     0 ≤   x   l + 1   ≤   x   A              x   B   −   x   A       n   B   − 1    ,       x   A   <   x   l + 1   ≤   x   B            L −   x   B       n   C   − 1    ,       x   B   <   x   l + 1   ≤ L       ,  



(33)




and     n   A    ,     n   B    , and     n   C     are the number of discretization points (nodes) in segments A, B, and C, with     n   t   =   n   A   +   n   B   +   n   C   − 2  .



Moreover, the effective axial force   T   is constant throughout the analysis, while the transverse force is incrementally applied, i.e.:


       F   A     k   =     F   A     k − 1   + ∆     F   A     k     ,       F   B     k   =     F   B     k − 1   + ∆     F   B     k     , k = 2 ⋯   n   l s    ,  



(34)




where       F   A     1   =     F   B     1   = 0  ,     n   l s     is the number of load steps, and   ∆     F   A     k     and   ∆     F   B     k     are the load increments at points   A   and   B   related to load step   k  .



By relying on Equations (32) and (34), the transverse displacement   y   at point     x   l     caused by the transverse force     F   k     is stated as     y   l , k    . However, Equation (30) demands the discrete form of a second-order derivative, which represents the curvature of the beam. As the spacing between consecutive points in the discretized beam may differ, depending on the values of     n   A    ,     n   B    , and     n   C    , the curvature of the beam may be approximated following the equation proposed by Singh and Bhadauria [54], i.e.:


       d   2   y   x , F       d x   2      ≅   κ   l , k   ≅ 2      h   l     y   l − 1 , k   −     h   l   +   h   l − 1       y   l , k   +   h   l − 1     y   l + 1 , k       h   l − 1     h   l         h   l   + h   l − 1        .  



(35)







Now, by considering the discrete notations of   x  ,   y  , and   F  , and Equation (35), the discrete form of Equation (30) is given by:


    h   l     y   l − 1 , k   −       h   l   +   h   l − 1     +   β   l , k   2       h   l    ¯      y   l , k   +   h   l − 1     y   l + 1 , k   +      M   l , k   ( 1 )       E I   l , k      ·     h   l    ¯  = 0 ,  



(36)




where   l = 2 ⋯   n   t   − 1  ,   k = 2 ⋯   n   l s    , and:


      h   l    ¯  =    1   2    ·   h   l − 1     h   l         h   l   + h   l − 1     .  



(37)







Nevertheless, Equation (36) must be solved incrementally, as the bending stiffness of the pipe varies nonlinearly with the imposed loading, as discussed in Section 3.2.2. Thus, the transverse displacement     y   l , k     is given by


     y   l , k   =   y   l , k − 1   + ∆   y   l , k     ,   l = 1 ⋯   n   t   ,   k = 2 ⋯   n   l s    .  



(38)







Considering Equations (37) and (38) in Equation (36), the following incremental equation is obtained:


    h   l   ∆   y   l − 1 , k   −       h   l   +   h   l − 1     +   β   l , k   2   ·     h   l    ¯    ∆   y   l , k   +   h   l − 1     ∆ y   l + 1 , k   +      M   l , k   ( 1 )       E I   l , k          h   l    ¯  = 0 ,  



(39)




where   l = 2 ⋯   n   t   − 1  ,   k = 2 ⋯   n   l s    .



The transverse displacements   ∆ y   and the load increments   ∆   F   A     and   ∆   F   B     are unknown at each load step, totaling     n   t     variables. Equation (39) gives     n   t   − 2   relations between the transverse displacements. However, the transverse displacements at the extremities of the beam are restrained:


   ∆   y   1 , k   = ∆   y     n   t   , k   = 0   ,         k = 2 ⋯   n   l s    .  



(40)







Finally, as the experimental tests are displacement-controlled, and the fork employed to impose the load can be assumed as rigid, the transverse displacements at points A and B are considered equal to the displacement imposed by the actuators, i.e.:


   ∆   y   A , k   = ∆   y   B , k   = ∆   y   t     ,         k = 2 ⋯   n   l s    .  



(41)




where     ∆ y   t   =     y   t    /    n   l s       and     y   t     is the total transverse load imposed by the actuators.



The system of equations formed by Equations (39)–(41) is organized in the matrix form:


         K   k           n   t   + 2   x     n   t   + 2       ·       Y   k           n   t   + 2   x 1     =         F   k           n   t   + 2   x 1       ,         k = 2 ⋯   n   l s   ,   



(42)




where the non-null terms   K  ,   Y  , and   F   related to   K  ,   Y   and   F  , respectively, are:


    K   1,1   =   K     n   A   ,   n   A     =   K     n   A   +   n   B   − 1 ,   n   A   +   n   B   − 1   =   K     n   t   ,   n   t     = 1  



(43)






         K   l , l − 1   =   h   l     ,     K   l , l   = −       h   l   +   h   l − 1     +   β   l , k   2   ·     h   l    ¯      ,     K   l , l + 1   =   h   l − 1    ,       l = 2 ⋯   n   t   − 1 ,   l ≠   n   A   ,     n   A   +   n   B   − 1      



(44)






    K   l ,   n   t   + 1   =         1 −      x   A     L      ·   x   l   ,     2 ≤ l <   n   A           1 −      x   l     L      ·   x   A   ,       n   A   + 1 ≤ l <   n   A   +   n   B   − 1         1 −      x   l     L      ·   x   A   ,       n   A   +   n   B   ≤ l <   n   t           1 −      x   A     L      ·   x   A   ,     l =   n   t   + 1         1 −      x   B     L      ·   x   A   ,     l =   n   t   + 2        



(45)






    K   l ,   n   t   + 2   =         1 −      x   B     L      ·   x   l   ,     2 ≤ l <   n   A             1 −      x   B     L      ·   x   l   ,       n   A   + 1 ≤ l <   n   A   +   n   B   − 1         1 −      x   n     L      ·   x   B   ,       n   A   +   n   B   ≤ l <   n   t           1 −      x   B     L      ·   x   A   ,     l =   n   t   + 1         1 −      x   B     L      ·   x   B   ,     l =   n   t   + 2        



(46)






    Y   l   =         ∆ y   l , k   ,     1 ≤ l ≤   n   t         ∆     F   A     k   ,     l =   n   t   + 1       ∆     F   B     k   ,     l =   n   t   + 2        



(47)






    F   l   =   ∆ y   t   ,         l =   n   A     ∨ l =   n   A   +   n   B   − 1  



(48)







By determining vector   Y  , the transverse displacement increments     ∆ y   l , k     at each point   l   related to the load increment   k   and the reaction loads   ∆     F   A     k     and   ∆     F   B     k    , the bending moment increment   ∆ M   at each point can be calculated with Equation (49) by considering Equation (28).


    ∆ M   l , k   =   ∆ M   l , k   ( 1 )   − T   ∆ y   l , k   .  



(49)







The total bending moment is then given by:


    M   l , k   =   M   l , k − 1   +   ∆ M   l , k   .  



(50)







Moreover, the curvature at a point is given by Equation (35), except for the points where the loads are imposed. At these points, a backward approximation for the second derivative of the displacements is considered to avoid numerical instabilities (observed during the case study analyses discussed in Section 4), i.e.:


    κ     n   A   , k   =      y     n   A   , k   − 2   y     n   A   − 1 , k   +   y     n   A   − 2 , k       h     n   A   − 1   2       



(51)






    κ     n   A   +   n   B   − 1 , k   =      y     n   A   +   n   B   − 1 , k   − 2   y     n   A   +   n   B   − 2 , k   +   y     n   A   +   n   B   − 3 , k       h     n   A   +   n   B   − 2   2       



(52)








3.3.3. Solution


The algorithm used to calculate the sample’s response during the bending test is illustrated in Figure 12. Initially, moments, curvatures, and displacements are set to zero.



For points located within the length of the end fittings (EFs), the stiffness     E I   e f     remains constant throughout the test and is equal to     E I   e f   =   10   3     E I   n s    . In the pipe section, an initial no-slip stiffness, Equation (22), is assumed. During the iteration loop, matrix   K   and vector   F   are computed, and the linear system described in Equation (41) is solved. Incremental displacements for the nodes are determined based on their previous positions to establish the current position, as well as variations in bending moments and curvatures.



The new stiffness and estimated bending moments are subsequently calculated as a function of the curvature change using the algorithm presented in Figure 10. If the bending moments estimated using the given algorithm match those calculated, the solution has converged, and it proceeds to the next step. If a discrepancy occurs, the loop restarts, replacing the assumed stiffness with the newly calculated value. The described solution procedure was implemented in an electronic spreadsheet in Mathcad (version 15) [55].






4. Results


4.1. Axisymmetric Loading Test (T0)


Before analyzing the bending response of the pipe, the axisymmetric model must be verified, as the evaluation of the pipe bending stiffness relies on the contact pressures induced by the axisymmetric loading.



Accordingly, an experimental test was carried out to determine the apparent axial stiffness of the pipe sample (Section 3.2.1). Initially, an axial force of 2 kN,     T   i    , was applied to straighten the specimen. Subsequently, the pipe was pressurized up to 200 bar, while the axial displacement of its free end was recorded. The axial force associated with the internal pressure acting on the closed end of the pipe (end-cap effect) was estimated by assuming that the inner sheath of the pipe is sealed at the sample’s EF. Under this condition, the real axial force, Equation (53), is expressed as:


    T   r e   =   T   i   + π   P   i n t     r     i n t   i s     2   .  



(53)




where     r     i n t   i s    .    is the internal radius of the inner sheath.



Figure 13 presents the relationship between the experimentally measured axial displacement and the axial force induced by internal pressure, along with the prediction of the analytical model (Section 3.2.1). The experimental results exhibit an almost linear trend, with a linear regression yielding a coefficient of determination     R   2     = 0.999. The axisymmetric model predicts a linear response that closely matches the experimental data. The slope of the regression line corresponds to an experimental apparent axial stiffness of 90,904 kN, which is only 2.2% higher than the analytical value of 88,931 kN. These results demonstrate that the model provides a reasonable prediction of the pipe’s axisymmetric response.



The axisymmetric model was subsequently employed to calculate the contact pressures associated with the axisymmetric loading conditions applied in the bending tests (Table 3). Table 4 reports the total contact pressures acting on the inner and outer tensile armor layers of the pipe (      P   c     I T A     and       P   c     O T A    , respectively), obtained as the sum of the contact pressures at the corresponding layer interfaces.




4.2. Pure Bending Test (T1-1)


4.2.1. Mesh and Load Increment Sensitivities


This section addresses the definition of mesh parameters and load increments required to reproduce the bending tests with both accuracy and computational efficiency. An initial adhesion     τ   0     of 0.9 MPa was assumed, as further justified in the following section, and the transverse displacement imposed by the actuators was equal to 150 mm (full stroke).



Mesh convergence was assessed by progressively increasing the number of nodes until additional refinement produced negligible variations in the model response. Since the simulations were performed under displacement control, the evaluation focused on the forces     F   A    ,     F   B    , and the total force     F   t o t a l    . The displacement increment per step was initially set to 3 mm. A comparison of the results obtained for the different mesh configurations is presented in Table 5.



Starting from the initial mesh, increasing the number of nodes produced only marginal variations in the model predictions. In particular, the total force estimated with the fourth mesh differed by less than 0.1% from that obtained with the sixth mesh. Based on these results, the fourth mesh configuration (60–80–60 nodes) was identified as the most suitable, providing an appropriate balance between computational efficiency and accuracy.



A similar procedure was employed to assess the impact of the displacement increment, utilizing the defined mesh. The results obtained are summarized in Table 6. Increments were tested within a range from 6 mm to 0.25 mm. Beyond the 1 mm increment, even when the load per step was reduced by a factor of four (to 0.25 mm), the total force varied by less than 0.5%. Consequently, the 1 mm load increment was chosen as the reference for this study.




4.2.2. Adhesion Investigation


Test T1-1 (Table 3) was conducted without any internal pressure or axial load (pure bend test), but demonstrated notable hysteresis, as seen in Figure 14, where the total transversal force acting on the sample and the actuator displacement during one cycle are depicted. In the absence of an axisymmetric load to create contact pressures between the layers, this behavior can be attributed to an initial adhesion between the tensile armors and the adjacent layers. This initial adhesion restricts the relative movement between layers, resulting in energy dissipation, which is reflected in the area enclosed by the force vs. displacement curve during a cycle, as shown in Figure 14. Since this adhesion cannot be measured directly, it must be calibrated.



A parametric study was conducted to determine which value of adhesion best aligns with the experimental data, specifically focusing on the variation in total force and the area of the hysteresis loop.



The deflection of the sample corresponding to the full stroke of the transversal actuator (150 mm) is presented in Figure 15, illustrating various adhesion conditions along with the full-slip stiffness (analogous to zero adhesion) and the no-slip stiffness (where adhesion is sufficiently high to prevent any sliding during the cycle). The experimentally measured points are also included. As anticipated, due to displacement control, the response of the pipe remains quite similar across the different conditions, although the occurrence of slippage and the associated forces vary from one case to another. The values for positive and negative peak deflections for measurement points between actuators are presented in Table 7.



The curvatures observed under each condition are illustrated in Figure 16. It is noted that the analyses with full-slip and no-slip stiffness yielded identical results, as the tests were conducted under displacement control and, therefore, the final deformed shapes of the pipe were similar. In these cases, three distinct regions can be observed (disregarding those related to the EFs at the extremities), where the curvatures vary linearly.



On the other hand, the initial adhesion leads to a variation in the bending stiffness of the pipe as slip occurs between the layers. In Figure 16, the lengths depicted with a solid line indicate no-slip between layers, while the dashed lines represent segments of the pipe where slippage occurred. In the regions between the extremities (EFs) and the actuators, the curvatures vary nonlinearly due to the bending stiffness variation along the length of these regions. Regarding the region between the actuators, the response obtained with an adhesion of 0.5 MPa is linear, whereas the responses obtained for adhesions of 0.9 MPa and 1.2 MPa are nonlinear. Again, this response is related to the variation in bending stiffness of the pipe. In the first condition (0.5 MPa), full slip occurs between layers, while in the other conditions, stiffness still varies along the length. Finally, it is noted that the maximum curvatures are obtained for adhesions of 0.5 MPa and 0.9 MPa. In contrast, the adhesion of 1.2 MPa indicates a lower value, with the curve tending to approach that obtained with no-slip stiffness.



The impact of varying the adhesion between layers, and consequently the relationship between moment and curvature, can be more clearly observed in the force–displacement diagram shown in Figure 17. The graph depicts full-slip stiffness and no-slip stiffness as straight lines. In cases with adhesion, the loops represent cycles where the response initially resembles that of the no-slip condition, transitioning to a full-slip behavior. As adhesion increases, the response loop rotates counterclockwise and becomes narrower, illustrating a shift from the full-slip scenario to the no-slip scenario.



The bending responses for various adhesion values are presented in Table 8. For each case, the critical curvature     κ   c r     at which slippage begins is listed, along with the ratio     ∆   F   m o d e l    /  ∆   F   e x p       (named imposed force ratio), which compares the model and experimental forces required to transition the sample from the most negative to the most positive deflections (representing half a cycle). Additionally,       A   m o d e l    /    A   e x p       (named energy dissipation ratio) provides a comparison of the areas of the loops, while     R   2     indicates the coefficient of determination between the model and experimental measurements (Figure 14). The cycle was divided into two segments, upward and downward, and the results from both segments were used to compute     R   2    .



The critical curvature increases linearly with the considered adhesion, as can be inferred in Equation (8). However, there is a nonlinear variation in the imposed forces and the enclosed areas with this parameter.



Regarding the forces required to perform the cycle, they increase as adhesion increases, as presented in Figure 18, until the adhesion reaches a level at which no slippage occurs during the cycles (approximately 3.5 MPa). After that, the forces are the same regardless of the adhesion value.



The areas represented in the loops of Figure 17 are related to energy dissipation during the load cycles due to the stick–slip effect. Therefore, no dissipation is observed in scenarios without a change in stiffness, resulting in zero area for both no-slip and full-slip conditions. As adhesion, and consequently stiffness, increases from the full-slip scenario, the areas of the loops rise from zero. However, as stiffness continues to increase and the curve approaches the no-slip stiffness condition, the area begins to decrease again, ultimately reaching zero when no slip occurs. Hence, a specific level of adhesion exists that maximizes energy dissipation. By exploring a range of adhesion values, adhesions around 0.7 MPa yield the highest energy dissipation in the test setup, as illustrated in Figure 19, which presents the variation in enclosed area with the considered adhesion. It is essential to note that two different adhesion levels can result in the same amount of dissipated energy, albeit with varying responses. This explains why the 0.5 MPa case exhibits nearly identical energy dissipation to that of the test, despite a noticeably different response. Consequently, the area cannot serve as a standalone parameter for fitting test results.



Additionally, it is essential to acknowledge that other sources of energy dissipation may impact the overall dissipation levels. For instance, in flexible pipes, viscous effects play a role; however, due to the low frequency of load imposition in the test, their impact tends to be minimal. Factors such as test bench equipment, vibrations, and noise may also contribute to energy dissipation. These secondary effects become more pronounced when the energy associated with the stick–slip effect approaches zero.



Hence, the evaluation of the optimal fit was determined by calculating the coefficient of determination (R2). The best fit was achieved at 0.9 MPa, resulting in an     R   2     value of 0.993, which also exhibited similar force and area characteristics as those observed experimentally. Both the experimental and modeled loops of forces vs. actuator displacements are presented in Figure 14.





4.3. Bending Combined with Internal Pressure (T1-2)


The internal pressure and the related real axial tension     T   r e    , Equation (53), are crucial for assessing the critical curvature of the pipe, as they induce significant interlayer contact pressures in the pipe. In contrast, the effects of pressure do not influence the global response of the pipe, i.e., only the effective axial load should be considered in the global model [55]. Furthermore, the axial load remains constant in the experimental tests, because one extremity of the pipe was free to elongate.



In this scenario, a sample was tested at an internal pressure of 200 bar and without an axial load. The only difference from the previous case is the increase in stiffness resulting from the higher contact pressures caused by pipe pressurization, as shown in Table 3.



The linear dependence between critical curvature and contact pressure, as expressed in Equation (8), exhibits a slope corresponding to the interlayer friction coefficient. This test, therefore, constitutes an appropriate procedure for calibrating the friction coefficient   μ  . Numerical results obtained for a range of   μ   values are reported in Table 9. This table indicates that the increasing friction coefficients require higher transverse forces to bend the pipe, as the no-slip bending stiffness extends to higher curvatures with increasing critical curvature. On the other hand, as discussed in Section 4.2, the maximum energy dissipation occurs for an adhesion of 0.7 MPa. Consequently, an increase in the friction coefficient leads to a decrease in energy dissipation.



Moreover, by inspecting Table 8, the friction coefficient that provided the best overall agreement among the three parameters is 0.05. At this value, the energy dissipation and the imposed forces ratios are close to the experimental values, and     R   2     tends to 1.0.



Hence, by considering an initial adhesion of 0.9 MPa and a friction coefficient of 0.05, Figure 20 compares the measured force versus transverse displacement relation with the numerically predicted curve, evidencing good agreement between them. Moreover, Figure 21a shows the transverse displacements measured along the pipe sample during the test and the numerically predicted deformed configuration, which also agreed quite well. Finally, Figure 21b illustrates the variation in curvature along the pipe, indicating the presence of no-slip and slip zones. A pronounced nonlinear variation in curvature can be depicted.



In the literature, some studies address the modeling of bending in flexible pipes, but they typically rely on a limited number of experimental tests. For example, Dong et al. [36] applied an analytical bending model proposed by Kebadze and Kraincanic [37] to evaluate the response of a bending test performed by Witz [11] on a 2.5″ flexible pipe under internal pressures of 0 and 30 MPa. A friction coefficient of 0.1 was used, but to better match the experimental results, particularly at low internal pressures, an initial contact pressure of 1.5 MPa was introduced. Both Dai et al. [40] and Wang et al. [41] developed numerical models based on the test reported by Saevik [24], involving a 4″ pipe subjected to internal pressures of 0.7, 10, and 20 MPa. In Dai et al. [40], different friction coefficients were fitted for each pressure level: 0.26, 0.23, and 0.21 for 0.7, 10, and 20 MPa, respectively. Additionally, an initial strain of 0.02 was applied to the tensile armor tendons to simulate the pre-tension between layers and better replicate the hysteresis observed in the experiments. Using the same friction values as Dai et al. [40], Wang et al. [41] investigated the effects of residual strain in the tensile armor, as well as the influence of an initial contact pressure of 2 MPa applied to the outer sheath, aiming to improve the simulation of initial interlayer friction. This study also included analytical model results incorporating the 2 MPa outer sheath pressure. In another study, Ye et al. [38] compared the results of a numerical model with experimental data for a 4″ pipe, determining an interlayer friction coefficient of 0.088 through regression analysis. Although discrepancies were noted under low contact pressure conditions, no specific mechanism was proposed to account for them in the model. Lastly, de Sousa et al. [30] employed a numerical model to study torsion in a 9.13″ flexible pipe. To improve agreement with experimental data, an adhesion value of 5 MPa was applied to all interfaces, alongside a friction coefficient of 0.1.



Consequently, there is significant variation in the values assigned to the interlayer friction coefficient. Due to the limited number of tests, as well as differences in pipe diameter, materials, and manufacturing processes, these values are not directly comparable. Nonetheless, they offer a general indication of the expected range. It is also important to highlight that the adjustment of the friction coefficient depends on how the initial contact pressure is implemented in the model, or whether it is considered at all. For example, a relatively low friction coefficient of 0.05 may be used in conjunction with a high adhesion value of 0.9 MPa. In the proposed model, as described in Equation (8), adhesion is incorporated directly into the stiffness calculation, rather than being treated as an increase in contact pressure (which, in some other models, is multiplied by the friction coefficient).




4.4. Bending Combined with Internal Pressure and Tension (T1-3 to T1-8)


This section presents the results from tests conducted on the sample under six combinations of bending, internal pressure, and tension. Figure 22 shows that the deformed shape of the sample remains relatively unchanged under different test conditions, as the tests were displacement-controlled, with the sample subjected to the same transverse displacement at the force application points. The measured transverse displacements show good correlation with the model predictions.



Regarding the curvatures, the inclusion of an axial load in the tests reveals a distinct change in the curvature profile, as shown in Figure 23. The axial force tends to straighten the sample, resulting in higher curvatures in the sections near the points of force application (actuators), where stiffness transitions occur. In contrast, the curvatures exhibit a more gradual change in scenarios without axial load, as illustrated in Figure 16 and Figure 21b.



Figure 24 compares the relationship between force and transversal displacement obtained in the experimental tests with those predicted by the proposed model, while Table 10 indicates, for each of the conditions simulated, the imposed force ratio, the energy dissipation ratio, and the correlation coefficient     R   2    . The results obtained show a very good agreement between the experimental tests and the model predictions.



In contrast to the cases without axial load (as shown in Figure 14 and Figure 20), the forces required to cycle the sample are notably higher due to the significant influence of the axial load, which outweighs the impact of internal pressure. Furthermore, the forces observed in cases with the same axial load remain nearly constant, even with the increase in pressure from 100 bar to 200 bar. This can be attributed to the low friction coefficient used in the model, which is associated with a high adhesion value.




4.5. Bending Tests After Degradation (T2-9 to T2-16)


After the T1 tests (1 to 8) were conducted, the sample underwent an 18-month degradation period during which the pipe was maintained with a flooded annulus containing saturated water at 1 bar CO2 and 40 °C. Tests were then repeated (T2—9 to 16), and the response was found to be very similar. The same parameters were used to calibrate the model. Figure 22 and Figure 24 present results before and after degradation.



Despite being subjected to relatively harsh conditions designed to accelerate the degradation of both the tensile armor and polymeric layers, the impact of degradation over time on stiffness appears to be negligible. This indicates that the hysteresis curve employed, e.g., for fatigue analysis (assuming an environment that is equally severe or less severe than the one tested), does not necessitate any updates and remains valid throughout the service life of the pipe. Therefore, the experimental tests suggest that only a single bending stiffness vs. curvature curve can be used, consistent with current design practices, to determine the overall response of the flexible pipe.



However, degradation of the wires results in changes to their material condition, necessitating the consideration of new fatigue curves that indicate a shorter service life for the same overall response. In Coser et al. [56], wire samples were subjected to similar conditions that led to the degradation of the test samples, followed by four-point bending fatigue tests. A comparison of the results with those from non-degraded wires clearly revealed a significant reduction in fatigue resistance. A full-scale test further validated these findings. Additionally, Krishman et al. [57] demonstrated the reduction in fatigue life by inducing controlled pitting corrosion through an electromechanical method, comparing the resulting curves of pitted wires with those from new wires. The curves for the corroded wires exhibited a reduction in fatigue life of approximately 2.6 to 2.7 times.





5. Conclusions


In this study, the global response of a flexible pipe under combined axisymmetric and bending loads was investigated through experimental tests and theoretical modeling.



The experiments were performed on a 2.5″ flexible pipe. The materials of its inner and outer sheaths were first characterized through tensile tests. The pipe was then subjected to combined axisymmetric and cyclic bending loads using a controlled displacement four-point bending setup, under both non-degraded and degraded conditions. The latter involved flooding the annulus and exposing the tensile armors to CO2-saturated water at 1 bar and 40 °C for 18 months. In all cases, transverse displacements were measured under constant axisymmetric loads, revealing significant hysteretic responses.



Theoretical analyses incorporated existing approaches to predict the monotonic response of flexible pipes under combined axisymmetric and bending loading. The bending formulation was modified to include initial interlayer adhesion, and the models were implemented in a return algorithm to reproduce hysteretic behavior. A finite-difference (FD)-based model was then developed, coupling axisymmetric and cyclic bending responses and integrating the proposed algorithm for cyclic loading. The incorporation of the local into the global model was also discussed in detail.



Theoretical and experimental results showed excellent agreement, accurately reproducing the cyclic response of the pipe. The analyses confirmed that the global response is strongly influenced by interlayer parameters such as adhesion and friction. Increasing these parameters raised the required bending forces until a no-slip condition was reached, beyond which the response stabilized. Energy dissipation varied nonlinearly with friction, peaking at partial slip and vanishing under full-slip conditions, while the adopted parameters (0.9 MPa of initial adhesion and a friction coefficient of 0.05) provided a reasonable approximation. Moreover, tests under degraded conditions showed that, despite wire corrosion, the overall mechanical response remained essentially unchanged, indicating that the global behavior of the riser is not significantly affected under the imposed degradation scenario.



The proposed methodology can be implemented in finite element (FE) models using conventional software, providing an alternative to traditional global analysis tools for flexible pipes and offering the potential for extension to three-dimensional applications. The findings also supply valuable data for model calibration and design guidance, highlighting the importance of accounting for initial adhesion and interlayer friction effects. Nonetheless, further research is needed to improve the quantification of interface parameters, incorporate possible viscous contributions to energy dissipation, and evaluate the influence of interface degradation on the fatigue life of flexible pipes.
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Figure 1. Subsea flexible pipe production system with a detail of the pipe’s internal layers. 
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Figure 2. Moment vs. curvature in a typical flexible pipe. 
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Figure 3. Experimental tests with the polymeric samples: (a) undeformed samples in the experimental tests and (b) deformed samples after the experimental tests. 
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Figure 4. Experimental stress vs. strain curves: (a) inner and (b) outer sheath. 
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Figure 5. Experimental apparatus: (a) 2.5″ flexible pipe mounted in the apparatus and (b) Schematic showing the main components. 
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Figure 6. Heating system: (a) Electric trace positioning and (b) Thermal blankets. 
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Figure 7. Piping for annulus flooding. 
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Figure 8. Tensile armor angle α; and slip and stick zones in a flexible pipe cross-section. 
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Figure 9. Moment vs. curvature relation in tensile armor. 






Figure 9. Moment vs. curvature relation in tensile armor.



[image: Jmse 13 02180 g009]







[image: Jmse 13 02180 g010] 





Figure 10. Adapted return-mapping algorithm for bending moment vs. curvature hysteretic response. 
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Figure 11. Numerical model representation: (a) General view; (b) Discretization. 
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Figure 12. Algorithm for response considering the hysteretic behavior of the flexible pipe. 
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Figure 13. Variation in the pipe’s elongation with the resulting real axial tension: internal pressure test. 
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Figure 14. Force vs. displacement relation: pure bending test (T1-1). 
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Figure 15. Transverse displacements in the flexible pipe sample: pure bending test (T1-1), full stroke loading. 
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Figure 16. Curvature and slippage occurrence (T1-1): full stroke. 
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Figure 17. Force vs. displacement relation: pure bending test (T1-1) with different adhesion values. 
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Figure 18. Required force due to adhesion. 
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Figure 19. Energy dissipation ratio vs. adhesion. 
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Figure 20. Force vs. displacement in T1-2 test. 
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Figure 21. Displacements (a) and curvatures (b) in T1-2 test. 
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Figure 22. Maximum displacements in tests T1-3 to T1-8 and T2-9 to T2-16 for (internal pressure/tension): (a) 100 bar/5 kN; (b) 200 bar/5 kN; (c) 100 bar/10 kN; (d) 200 bar/10 kN; (e) 100 bar/15 kN; (f) 200 bar/15 kN. 
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Figure 23. Curvatures in tests T1-3 to T1-8 and T2-9 to T2-16 for (internal pressure/tension): (a) 100 bar/5 kN; (b) 200 bar/5 kN; (c) 100 bar/10 kN; (d) 200 bar/10 kN; (e) 100 bar/15 kN; (f) 200 bar/15 kN. 
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Figure 24. Force vs. transverse displacement in tests T1-3 to T1-8 and T2-9 to T2-16 for (internal pressure/tension): (a) 100 bar/5 kN; (b) 200 bar/5 kN; (c) 100 bar/10 kN; (d) 200 bar/10 kN; (e) 100 bar/15 kN; (f) 200 bar/15 kN. 
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Table 1. 2.5″ flexible pipe characteristics.
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	Layer

(Material)
	Properties





	Inner carcass

(Stainless 316 L)
	Thickness = 3.50 mm, No. of tendons = 1, Lay angle = 87.7°,

Interlocked profile, Area = 16.00 mm2, Moment of inertia = 11.24 mm4,

Young modulus = 193 GPa, Poisson coefficient = 0.3



	Internal plastic

(Polyamide 12)
	Thickness = 5.00 mm,

Young modulus = 372 MPa, Poisson coefficient = 0.45



	Pressure armor

(Carbon steel)
	Thickness = 6.35 mm, No. of tendons = 1, Lay angle = 87.9°,

Z-profile, Area = 49.95 mm2, Moment of inertia = 186.29 mm4,

Young modulus = 205 GPa, Poisson coefficient = 0.30



	Antiwear layer

(Polypropylene)
	Thickness = 0.3 mm,

Young modulus = 350 MPa, Poisson coefficient = 0.30



	Inner tensile armor

(Carbon steel)
	Thickness = 2.01 mm, No. of wires = 43, Lay angle = 38°,

Rectangular profile, Width = 5.00 mm,

Young modulus = 205 GPa, Poisson coefficient = 0.30



	Antiwear layer

(Polypropylene)
	Thickness = 0.6 mm,

Young modulus = 350 MPa, Poisson coefficient = 0.30



	Anti-buckling tape

(Glass filament)
	Thickness = 0.81 mm,

Young modulus = 350 MPa, Poisson coefficient = 0.30



	Antiwear layer

(Polypropylene)
	Thickness = 0.30 mm

Young modulus = 350 MPa, Poisson coefficient = 0.30



	Outer tensile armor

(Carbon steel)
	Thickness = 2.01 mm, No. of wires = 47, Lay angle = 36°,

Rectangular profile, Width = 5.0 mm

Young modulus = 205 GPa, Poisson coefficient = 0.30



	Antiwear layer

(Polypropylene)
	Thickness = 0.30 mm,

Young modulus = 350 MPa, Poisson coefficient = 0.30



	Anti-buckling tape

(Glass filament)
	Thickness = 0.81 mm,

Young modulus = 350 MPa, Poisson coefficient = 0



	Antiwear tape

(Polypropylene)
	Thickness = 0.3 mm,

Young modulus = 350 MPa, Poisson coefficient = 0



	Outer sheath

(HDPE)
	Thickness = 6.55 mm

Young modulus = 622 MPa, Poisson coefficient = 0.45










 





Table 2. Experimental Young moduli of the polymeric sheaths.






Table 2. Experimental Young moduli of the polymeric sheaths.





	
Test

	
Young Modulus (MPa)




	
Inner Sheath (PA)

	
Outer Sheath (PE)






	
1

	
358

	
601




	
2

	
373

	
650




	
3

	
408

	
619




	
4

	
372

	
577




	
5

	
405

	
644




	
6

	
323

	
640




	
7

	
361

	
-




	
Average

	
372

	
622




	
Std. deviation

	
29.1

	
28.5











 





Table 3. Test matrix.






Table 3. Test matrix.





	
Campaign

	
Test

	
   Internal   Pressure ,     P   i n t      [Bar]

	
   Axial   Load ,   T    [kN]

	
Annulus Degradation






	
T0

	
0

	
200

	
2

	
No degradation




	
T1

	
1

	
0

	
0

	
No degradation




	
2

	
200

	
0




	
3

	
100

	
5




	
4

	
100

	
10




	
5

	
100

	
15




	
6

	
200

	
5




	
7

	
200

	
10




	
8

	
200

	
15




	
T2

	
9

	
0

	
0

	
18 months—Flooded annulus with saturated water 1 bar CO2 at 40 °C




	
10

	
200

	
0




	
11

	
100

	
5




	
12

	
100

	
10




	
13

	
100

	
15




	
14

	
200

	
5




	
15

	
200

	
10




	
16

	
200

	
15











 





Table 4. Contact pressures per test condition.






Table 4. Contact pressures per test condition.





	
   Internal   Pressure ,     P   i n t     

[bar]

	
   Axial   Load ,   F   

[kN]

	
Contact Pressures 1

	
Corresponding Tests




	
   Inner   Armor ,       P   c     I T A      [MPa]

	
   Outer   Armor ,       P   c     O T A      [MPa]






	
0

	
0

	
0

	
0

	
1, 9




	
100

	
5

	
3.34

	
1.22

	
3, 11




	
100

	
10

	
3.63

	
1.31

	
4, 12




	
100

	
15

	
3.91

	
1.40

	
5, 13




	
200

	
0

	
5.93

	
2.05

	
2, 10




	
200

	
5

	
6.21

	
2.14

	
6, 14




	
200

	
10

	
6.50

	
2.23

	
7, 15




	
200

	
15

	
6.79

	
2.32

	
8, 16








1 Sum of the contact pressures on the internal and external surfaces of the wires.













 





Table 5. Mesh sensitivity results.






Table 5. Mesh sensitivity results.





	Mesh
	      n   A      
	      n   B      
	      n   C      
	      n   t      
	     F   A      [N]
	     F   B      [N]
	     F   t o t a l      [N]





	1
	10
	15
	10
	33
	582.1
	851.5
	1433.6



	2
	15
	20
	15
	48
	582.9
	845.8
	1428.7



	3
	30
	40
	30
	98
	584.6
	838.2
	1422.8



	4
	60
	80
	60
	198
	585.4
	834.7
	1420.1



	5
	90
	120
	90
	298
	585.6
	833.6
	1419.2



	6
	120
	160
	120
	398
	585.7
	833.0
	1418.7










 





Table 6. Load increment sensitivity results.






Table 6. Load increment sensitivity results.





	   ∆   y   t      [mm]
	     F   A      [N]
	     F   B      [N]
	     F   t o t a l      [N]





	6.00
	584.9
	809
	1393.9



	3.00
	585.4
	834.7
	1420.1



	1.50
	585.7
	847.2
	1432.9



	1.00
	585.8
	851.4
	1437.2



	0.50
	586.0
	855.5
	1441.5



	0.25
	586.0
	857.5
	1443.5










 





Table 7. Displacement comparison—Load increment sensitivity results.






Table 7. Displacement comparison—Load increment sensitivity results.





	
Positive Stroke [mm]




	
Sensor

	
#2

	
#3

	
#4

	
#5

	
#6




	
Experimental

	
164

	
181

	
183

	
179

	
166




	
Full slip

	
167

	
177

	
179

	
175

	
160




	
No slip

	
167

	
177

	
179

	
175

	
160




	
τ0 = 0.5 MPa

	
170

	
182

	
186

	
181

	
162




	
τ0 = 0.9 MPa

	
168

	
179

	
183

	
179

	
162




	
τ0 = 1.2 MPa

	
168

	
179

	
182

	
178

	
161




	
Negative Stroke [mm]




	
Sensor

	
#2

	
#3

	
#4

	
#5

	
#6




	
Experimental

	
158

	
172

	
178

	
174

	
165




	
Full slip

	
160

	
175

	
179

	
176

	
167




	
No slip

	
160

	
175

	
179

	
176

	
167




	
τ0 = 0.5 MPa

	
162

	
181

	
186

	
182

	
170




	
τ0 = 0.9 MPa

	
161

	
179

	
183

	
179

	
168




	
τ0 = 1.2 MPa

	
161

	
178

	
182

	
177

	
167











 





Table 8. Adhesion sensitivity results.






Table 8. Adhesion sensitivity results.





	     τ   0      [MPa]
	     κ   c r      [1/m]
	      ∆   F   m o d e l     ∆   F   e x p        
	        A   m o d e l       A   e x p        
	      R   2      





	0.5
	0.0107
	0.592
	1.03
	0.848



	0.7
	0.0150
	0.772
	1.131
	0.963



	0.8
	0.0171
	0.86
	1.117
	0.988



	0.9
	0.0193
	0.946
	1.074
	0.993



	1.0
	0.0214
	1.023
	1.02
	0.983



	1.1
	0.0236
	1.091
	0.967
	0.961



	1.2
	0.0257
	1.148
	0.927
	0.933










 





Table 9. Friction coefficient sensitivity analysis.






Table 9. Friction coefficient sensitivity analysis.





	    μ    
	     κ   c r      [1/m]
	      ∆   F   m o d e l     ∆   F   e x p        
	        A   m o d e l       A   e x p        
	      R   2      





	0
	0.019
	0.81
	0.919
	0.982



	0.03
	0.023
	0.890
	0.916
	0.993



	0.04
	0.024
	0.917
	0.910
	0.992



	0.05
	0.026
	0.942
	0.901
	0.993



	0.06
	0.027
	0.968
	0.889
	0.984



	0.07
	0.028
	0.992
	0.875
	0.977



	0.10
	0.032
	1.060
	0.820
	0.945










 





Table 10. Adjusted model parameters vs. experimental results.






Table 10. Adjusted model parameters vs. experimental results.





	Test
	      ∆   F   m o d e l     ∆   F   e x p        
	        A   m o d e l       A   e x p        
	      R   2      





	T1-1
	0.946
	1.074
	0.993



	T1-2
	0.942
	0.901
	0.989



	T1-3
	0.885
	0.997
	0.990



	T1-4
	0.918
	1.008
	0.996



	T1-5
	0.950
	0.954
	0.997



	T1-6
	0.874
	0.975
	0.990



	T1-7
	0.930
	0.992
	0.995



	T1-8
	0.938
	0.933
	0.996



	T2-9
	1.010
	0.965
	0.984



	T2-10
	1.082
	1.015
	0.983



	T2-11
	1.031
	1.025
	0.994



	T2-12
	1.020
	0.990
	0.994



	T2-13
	1.021
	0.982
	0.995



	T2-14
	1.057
	1.081
	0.988



	T2-15
	1.023
	0.948
	0.993



	T2-16
	1.031
	0.898
	0.992
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