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Abstract


Hybrid Propellant Rocket Motors (HPRMs) have been advancing rapidly in recent years. These improvements are finally increasing their competitiveness in the global launch-vehicle market. However, some topics, such as the pre-combustion chamber design, still require more in-depth studies. Few studies have examined this subject. This work proposes a low-computational-cost algorithm that calculates the minimum pre-combustion chamber length, with a vaporization and feed-system coupled instability model. This type of analysis is a key tool for minimizing a vehicle’s size, weight, losses, and costs. Additionally, coupling with internal ballistics codes can be implemented. Furthermore, the results were compared with real HPRMs to verify the algorithm’s reliability. The shortened pre-chamber architecture trimmed the inert mass and reduced the feed-system pressure requirement, boosting overall propulsive energy efficiency by   ≈ 8 %   relative to conventional L*-based designs. These gains can lower stored-gas enthalpy and reduce life-cycle CO and CO2-equivalent emissions, strengthening the case for lighter and more sustainable access-to-space technologies.
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1. Introduction


In hybrid rocket propulsion, a solid fuel reacts with a liquid oxidizer injected into the combustion chamber. Reverse hybrids are also possible, but uncommon. The fuel must liquefy and vaporize to react, and the oxidizer must vaporize to combust. These characteristics, combined with low regression rates compared to solids, result in relatively large combustion chambers, particularly when compared with Liquid Propellant Rocket Engines (LPRE), which also have higher specific impulses. Despite being a promising technology, these disadvantages are one of the most significant reasons why hybrid rockets struggle to compete more effectively in the market [1,2,3].



Combined with the combustion port, the pre- and post-combustion chambers are responsible for providing sufficient residence time for the oxidizer and the fuel, respectively, to ensure complete reaction. The pre-chamber ensures the oxidizer is fully injected, atomized, and vaporized. If the pre-chamber is too small, combustion instabilities and non-uniform burn of the grain may appear. On the other hand, if it is too large, heat transfer losses and the increase in weight become significant. Additionally, a post-mixing chamber is often used to enhance the characteristic velocity efficiency, thereby providing a longer residence time [1,4,5].



In general, the literature only provides empirical relations to calculate the pre-combustion chamber length-to-diameter ratio (   L  p c   /  d  p c    ), and some researchers have determined this numerically, with the aid of Computational Fluid Dynamics (CFDs) software [6]. With CFDs, it is possible to accurately simulate all involved phenomena, from the oxidizer injection to its breakup, vaporization, reaction, and exhaustion [7,8]. However, these CFD simulations are highly complex to model, and the computational costs are also high. The simulations can also be divided into phases, such as, firstly, droplet injection and droplet size determination, and secondly, droplet vaporization [9]. Ref. [1] set a pre-chamber length-to-diameter ratio of    L  p c   /  d  p c   = 0.5   as a rule of thumb, also used in ref. [10]. Refs. [4,5] presented a model that resulted in the pre-chamber length required to suppress feed-system coupled combustion instabilities. However, vaporization models can be employed to predict the   L  p c   , thereby decreasing computational costs compared to CFDs and increasing accuracy compared to empirical relations. In this application, the breakup lengths may be neglected, due to the typically obtained Weber, Reynolds, and Ohnesorge numbers [11]. Therefore, a reasonable   L  p c    is the length for complete vaporization. It is also possible to use molecular dynamics to study droplet vaporization [12].



Vaporization models are commonly employed in LPREs. In ref. [13], two simple models were presented, one with no combustion and the other with combustion. In addition, a third, and more accurate, model was shown: a one-dimensional vaporization-controlled combustion model. In Refs. [14,15,16], a one-dimensional vaporization model was presented that predicts the characteristic length (  L *  ), which can account for the chemical reaction rate. In Refs. [17,18,19,20,21], a one-dimensional model capable of calculating the chamber length and predicting the characteristic velocity efficiency based on the percentage of vaporized propellant at the end of the chamber was reported. Other works have presented additional contributions, such as the influence of turbulence intensity [22,23], droplet thermal expansion and deformation [24], vaporization of a group of droplets, sub-critical vaporization, and others [25]. The works published by Refs. [26,27,28] validated the model presented by Refs. [17,18,19,20,21], offering interesting discussions and adding an empirical correlation to calculate the length required to vaporize 95% of the propellant. In addition, the work in ref. [29] discussed the model parameters presented by Refs. [14,15,16] in more detail. The work also presented model validations by comparing the results with those from more realistic engines and various propellant mixtures, and they proposed a new propulsive parameter,   ϕ *  .   ϕ *   is defined as the equivalence ratio ( ϕ ) required to reach the minimum   L *   for a given chamber pressure, called the characteristic equivalence ratio. In addition, this last work came to the same conclusions as Refs. [26,27,28]: (1) the droplet size is the main parameter that controls the chamber length; and (2) to decrease the required length, the droplet size, the injection velocity, the final gas velocity, and the contraction ratio must be decreased (not necessarily all at once) and the chamber pressure and initial droplet temperature must be increased.



The proposed vaporization-and-stability framework yields tangible system-level energy advantages beyond the immediate performance benefits for hybrid rocket motors. Shortening the pre-combustion chamber reduces the structural mass, decreases the tank pressure (or inert-gas inventory) required to maintain injector   Δ P  , and shortens start-up transients, lowering the launch stage’s total energy budget. In representative small-satellite missions, this translates into a 3–5% reduction in propellant mass and a 6–9% cut in exergy loss—metrics that align with current industry efforts to improve energy efficiency and environmental responsibility in space transportation.



While many works have utilized vaporization models in liquid propulsion, there is a lack of studies of hybrid systems in this field. This work intended to implement an algorithm, based on Refs. [17,18,19,20,21], and to analyze and design pre-combustion chambers of HPRMs with liquid oxidizers. Besides that, other factors influencing the design of the pre-chamber are discussed. Additionally, the results were obtained for nitrous oxide, as it is one of the most commonly used oxidizers in hybrid propulsion, and a validation was performed with motors that utilize this oxidizer.



Its storability, nontoxicity, self-pressurizing, and relative cheapness are the main reasons why N2O is used in hybrid systems. However, it has some drawbacks, such as a lower performance than Liquid Oxygen (LOX), two-phase flow, and a low critical point [30].



Although one-dimensional droplet-vaporization design rules have long existed for liquid-propellant engines [2,14,17], their direct application to hybrid motors remains rare. Prior hybrid studies either relied on fixed empirical   L / D   ratios [3,4] or employed costly CFD calculations that are ill-suited to rapid design iterations [8]. To bridge this gap, the present work.




	
coupled an adapted form of Priem’s 1-D vaporization model with a Summerfield-type feed-system stability map, yielding a single algorithm that guarantees both complete oxidizer vaporization and low-frequency stability;



	
validated the algorithm against eight static-fire tests of two ≈ 1 kN motors (SARA and ULBHRE) [31,32];



	
derived an engineering window,   0.24 ≤  L  p c   /  d  p c   ≤ 0.81  , that reduces inert mass and the stored-gas enthalpy required in self-pressurized/inert-gas feed systems.



	
quantified how the residual uncertainty in predicted   L  p c    propagates to characteristic-velocity efficiency and overall energy demand, a metric of growing importance for cleaner, more resource-efficient access-to-space applications; and



	
calculated the emissions variation as a function of the pre-combustion chamber length.








With the above items, the pre-chamber can be calculated in a simplified form through the geometric    L  p c   /  d  p c     relation range (updating the value previously recommended by [1]). Alternatively, a complete and accurate design of the pre-chamber can be rapidly achieved. Additionally, the important relationship between characteristic velocity and emissions can be analyzed based on Priem’s vaporization model, which has been properly adapted to HPRMs for the first time, as it was initially developed for LPREs. Finally, in addition to vaporization, stability verification is also possible using the Summerfield-adapted theory for HPRMs, as demonstrated in this work. A pre-chamber designed for complete vaporization cannot guarantee motor stability, possibly necessitating a redesign to provide both stability and either complete or partial vaporization.




2. Injection System


The injection system in this work is composed of an oxidizer manifold and injection head. This system is responsible for providing the required oxidizer mass flow rate to the combustion chamber. Moreover, it controls the size and velocity of the injected droplets. Therefore, it can also indirectly control the pre-chamber size.



2.1. Aspects of Design


While designing an injection system, the Sauter Mean Diameter (SMD), a measure of the ratio of volume to surface area of the spray, is one of the most critical parameters. Mass Mean Diameter (MMD) is also used, but the SMD is more recommended [33]. Additionally, the environment is an oxidizer-rich atmosphere with a lower temperature than the adiabatic flame temperature, as there is no fuel present in the pre-chamber, so combustion does not occur.



Equation (1) presents the SMD model from Merrington and Richardson’s experiments [33], used for showerhead injectors:


  SMD =    500   d i  1.2      ν L    0.2     v i     



(1)




where   d i   is the orifice diameter,   ν L   is the liquid kinematic viscosity, and   v i   is the injection velocity, which is defined below for an incompressible fluid:


   v i  =  C D      2  Δ P   ρ L      



(2)




where   ρ L   is the liquid density,   Δ P   is the pressure drop along the injector orifice, typically 20–30% of the chamber pressure [1], and   C D   is the discharge coefficient. The discharge coefficient is the ratio between the theoretical and experimental mass flow rates. In the case of oxidizers such as N2O, the flow inside the injector is under cavitating conditions [33]. This means that the   C D   is only related to the cavitation number. In the case of non-cavitating oxidizers, such as LOX, the vapor pressure is low [34] and the cavitating number tends to zero, so the   C D   is calculated through [33]:


   C D  =   1.23 +    58    L i  /  d i    Re     − 1    



(3)




where   L i   is the orifice length and  Re  is the Reynolds number. The equation above is valid for the range of    L i  /  d i    from 2 to 5 and Re from 100 to 1.5 ×   10 5  . Alongside the Reynolds number, two main dimensionless parameters describe the behavior of the injected fluid. The Reynolds number itself compares the inertia force with the viscous force.  Oh  is the Ohnesorge number, which compares the viscosity influence with the injected droplet deformation forces. Moreover, the Weber number ( We ) compares the inertia force to the surface tension force [11,25,33,35,36]. The following relation and Figure 1 relate these non-dimensional numbers:


  We =   Oh  Re  2       Re =    ρ  v i  c  μ            Oh =   μ   ρ σ  d i               We =    μ    v i   2   d i   σ         



(4)




where  ρ ,  μ , and  σ  are the fluid density, dynamic viscosity, and surface tension, respectively; and c is the characteristic dimension (in the case of an injector orifice,   c =  d i   ). Most rocket injectors are located in the atomized regions shown in Figure 1. This is why no breakup processes (which may occur before atomization) are discussed in this work.



Another important phenomenon to consider is droplet collision, which may result in smaller or larger droplets, mainly depending on their relative Weber numbers. However, there are not enough theories available for oxidizer droplets [37,38], and this will not be considered in this work.




2.2. Aspects of Two-Phase Oxidizer Injection


In case of cavitation conditions,   C D   is defined as


   C D  =  C C  ·   K c   =       1  0.62     2  −    11.4   r  i n     d i      − 0.5   ·      P 1  −  P v     P 1  −  P 2       



(5)




where the subscripts 1 and 2 refer to upstream and downstream properties, respectively;   P v   is the vapor pressure; and   r  i n    is the radius of the orifice inlet fillet. In addition,   K c   is a cavitation weighting parameter (square root part of the equation), and   C C   is a contraction coefficient [39]. The equation for   C C   applies to sharp-edge and rounded injector orifice inlets. In addition, it is only valid for   0 ≤  r  i n   /  d i  ≤ 0.14  , since higher values of    r  i n   /  d i    will not form a vena contracta.



Although many of the equations presented in this section focus on showerhead atomizers, similar relations exist for other injectors, and the following sections also apply to them.



Another disclaimer is that since N2O is a two-phase oxidizer under saturation conditions (at ambient temperature), a model is needed to accurately predict the propellant mass flow rate. One of the most widely used tank emptying models is the one proposed by ref. [40], which is based on the two-phase model proposed by ref. [41]. Some years later, a correction was made to Whitmore and Chandler’s model by ref. [42]. This model is known as the Nonhomogeneous Nonequilibrium (NHNE) model, which is a weighting between the Homogeneous Equilibrium Model (HEM) and the Single Phase Incompressible (SPI) model based on the ratio of the characteristic bubble growth time (  τ b  ) and the residence time of the liquid in the injector element (  τ i  ). The following relations briefly describe this model:


    m ˙  NHNE  =    κ ·   m ˙  SPI    1 + κ    +     m ˙  HEM   1 + κ           m ˙  SPI  =  C d    2   ρ 1   Δ P      ;   SPI          m ˙  HEM  =  C d   ρ 2    2   Δ h      ;   HEM        κ =    τ b   τ i    =      P 1  −  P 2     P v  −  P 2        ;         τ b  =     3   ρ L    2   P v  −  P 2               τ i  =  L i      ρ L   2   P 1  −  P 2                  



(6)




where    m ˙  NHNE  ,    m ˙  SPI  , and    m ˙  HEM   are the NHNE, SPI, and HEM mass flow rates, respectively;  κ  is the weighting factor; and   Δ h   is the enthalpy change across the injector orifice. All properties are evaluated under saturation conditions as a function of temperature for upstream properties and as a function of pressure for downstream properties, and can be obtained at [43].



It is worth noting that alternative tank emptying models are available, and all of them are described in [44], along with their advantages and disadvantages, such as those proposed by [45]. In addition, ref. [34] provided relevant discussions about the physics of nitrous oxide, and recent research has improved two-phase models for hybrid propulsion, accounting for chocked mass flow conditions [46].





3. Impact on Combustion Stability


3.1. Feed-System Coupled Instability


The dependence of the pre-chamber on the feed-system coupled instability was analyzed by [4,5]. The theory was developed as an adaptation of the Summerfield theory, also known as the   L *   theory, for LPREs [47]. It is based on the mass conservation equation, but with a hybrid philosophy. In addition, this model was experimentally validated using two motors from the University of Brasilia (SARA [32]: UnB; Brazil) and the Université Libre de Bruxelles (ULBHRE [48]: ULB; Belgium), with various injector types. Both motors were designed to produce 1 kN of thrust. The critical case for no chamber pressure oscillation for HPRMs is


  0.5   β  − 1   = T =     τ  p c   + 0.5   τ f    τ r     



(7)




where   τ  p c   ,   τ f  , and   τ r   are the residence time for the pre-chamber, fuel grain, and combustion chamber, respectively, and defined in Equation (9),  β  is defined as


  β =     P ¯  c   2  Δ P     



(8)






       τ  p c   =    2  L  p c      v i  +  v p             τ f  =   c  ′      V f   P c     2   m ˙   o x   +   m ˙  f   R   T ¯  p     ≈   c  ′    n  2    m ˙   o x   +   m ˙  f             τ r  =     V c   C *     A t  R  T c     =     L *   C *    R  T c          



(9)




where    P ¯  c   is the average chamber pressure;    T ¯  p   is the average temperature in the port;   v p   is the velocity in the port;    m ˙   o x    (for N2O,     m ˙   o x   =   m ˙  NHNE   ) and    m ˙  f   are the oxidizer and fuel mass flow rates, respectively;   V c   and   T c   are the chamber volume and temperature;   L  p c    is the pre-chamber length; R is the gas constant;   V f   is the port volume (   A p  ·  L f   ); n is the number of moles in the gas; and    c  ′   is a boundary-layer delay time coefficient, which is also a correction factor obtained experimentally. In general,    c  ′   is approximately 0.55 [49], but it may vary (e.g., 2.05 was used in [4]). Physically,   τ  p c    is the time for the oxidizer injection, atomization, and vaporization process to occur;   τ f   is the time for the boundary-layer properties to adjust to any changes in the oxidizer flux, similar to the boundary-layer lag; and   τ r   is the time for the gases to flow through the entire combustion chamber.



The velocity at the combustion port inlet can be calculated as shown below:


   v p  =     m ˙   o x     ρ L   A p      



(10)







The growth in oscillation amplitude is defined by  α  (better described at [4,5]) and schematically shown below in Figure 2:



As shown above, the stability limit is achieved when   α = 0  , but any perturbation may induce an increase in the chamber pressure that persists indefinitely. In addition, it is commonly assumed that a maximum of 5% oscillations sets the stability margin [2]. Equation (7) is derived from the following relation [5], in which it is also possible to analyze the role of  α :


      α +    τ r    − 1   = − β    τ r    − 1     e  − α  τ  p c     cos   τ  p c    ω  +  e  − α   τ  p c   −  τ f     cos    τ  p c   −  τ f   ω            ω = β    τ r    − 1     e  − α  τ  p c     sin   τ  p c    ω  +  e  − α   τ  p c   −  τ f     sin    τ  p c   −  τ f   ω        



(11)








3.2. Pre-Chamber Impact


The following graph, in Figure 3, can be obtained to better understand the stability regions for the stability criterion for HPRMs:



The image above shows the correlation between T and  β . In addition, the previous statement that   α = 0   defines the stability limit is corroborated. Since T is directly proportional to   τ  p c   , as shown in Equation (7), a direct relation is also obtained between the stability criterion and the pre-chamber length, as evidenced by Equation (9). Therefore,   T =   ( 2  L  p c   )  /  (  v i  +  v p  )  + 0.5   τ f   /  τ r   .



A standard solution to avoid feed-system coupled instabilities, besides increasing the pre-chamber length, is to use a cavitating venturi in the feed line, since this isolates the combustion chamber from the feed system. However, it is not recommended to implement a cavitation venturi when using N2O, as it may undergo an explosive thermal decomposition reaction. To overcome this issue, choked injectors can also perform this task [34].





4. Design Methodology


The vaporization model is governed by mass and energy conservation laws, which describe (i) droplet–film and (ii) film–gas interactions. These interactions depend on thermophysical parameters and are ruled by the mass transfer, heat transfer, droplet heating rate, droplet acceleration, and gas velocity equations [17,18,19,20,21,26,27,28,50]. This system of equations, along with the effect of each equation on the droplet inside the pre-chamber, is illustrated in Figure 4 and Equation (12). In addition, the assumptions made for the mathematical model are listed below:




	
No combustion and chemical reactions, since there is no fuel in the pre-chamber;



	
No breakup processes (atomized section of Figure 1) and no thermal decomposition;



	
Droplets remain spherical;



	
Constant thermophysical properties of the gas inside the pre-chamber;



	
One-dimensional model;



	
Turbulence effects are neglected;



	
No droplet interactions;



	
Only convective heat transfer is considered;



	
Transient model in a steady-state motor operation;



	
Use of liquid oxidizers; and



	
Cavitating/choked flow injectors are not considered.








This work considers showerhead injectors in addition to the assumptions above. However, this theory applies to other types of injectors.


         d m   d t    =  A d  K  α d   P d     ;    Mass   transfer        q =  h g   A d    T  p c   −  T d   Z    ;    Heat   transfer           d  T d    d t    =    q −    d m   d t    λ   m  c  p , L         ;    Droplet   heating   rate           d  v d    d t    = −    3  S    v  r e l    2   ρ m    8   r d   ρ L        ;    Droplet   acceleration         v g   x  =     m ˙   t h     ρ g  π    r p   2      1 −      m ˙   o x    x      m ˙   o x    m = 0         ;    Gas   velocity      



(12)




where m is the droplet mass;   A d  ,   P d  ,   T d  , and   r d   are the droplet surface area, partial pressure, temperature, and radius, respectively; K is the mass transfer coefficient;   h g   is the heat transfer coefficient;   T  p c    is the temperature inside the pre-chamber;   α d   is a correction factor for uni-directional mass transfer; Z is a term to take account of the sensible heat taken up by the diffusing vapor;  λ  is the latent heat of vaporization of the droplet at temperature   T d  ;   c  p , L    is the specific heat at a constant pressure of the droplet in the liquid phase;   v d   is the droplet velocity;   v  r e l    is the relative velocity between the gas and droplet;   ρ m   is the vapor–gas mixture density;   v g   and   ρ g   are the gas velocity and density, respectively;   r p   is the grain port area; and    m ˙   o x    is the mass flow rate of the vaporization of the oxidizer.
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Figure 4. Scheme of each of the balance equations acting on the vaporizing droplet inside an oxidizer-rich gaseous atmosphere, Control Volume (CV). 






Figure 4. Scheme of each of the balance equations acting on the vaporizing droplet inside an oxidizer-rich gaseous atmosphere, Control Volume (CV).
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The mass transfer coefficient, K, is obtained below:


  K =    Sh  M v  D   2   r d   R u   T ¯      



(13)




where   M v   is the molecular weight of the evaporating species, D is the coefficient of mass diffusivity,   R u   is the universal gas constant (8.31446 J/(molK)),   T ¯   is the mean temperature (   T ¯  =   T c  +  T L   / 2  ), and the Shearwood number, calculated through Ranz Marshall relation [51] is


  Sh = 2 + 0.6  Sc 3   Re   



(14)




where Sc is the Schmidt number, which is defined by


  Sc =    μ m    ρ m  D     



(15)




where   μ m   is the mean  μ , which is calculated as shown in Equation (19) (but for  μ ). The correction factor for unidirectional mass transfer is defined as


   α d  =    P  p c    P d    ln     P  p c     P  p c   −  P d       



(16)







For the case of HPRM, the coefficient of mass diffusivity is, in reality, the self-diffusion coefficient, since oxidizer droplets are injected in an atmosphere composed of the same fluid. Ref. [52] showed that   ρ   D 11  / μ = 1.49  , when using   D =  D 11    in cm2/s. In this work, a constant value of 2.6  ·  10  − 6     m2/s is used.



The parameter Z is calculated through


  Z =   z   e z  − 1     



(17)




where z is calculated by


  z =       d m   d t     c  p , L    t f    4 π  k m   r d    r d  +  t f      =       d m   d t     c  p , L      A d   h g      



(18)




where   t f   is the gas film thickness and   k m   is the mean value of thermal conductivity, calculated below:


   k m  =  1 −     P d  /  P  p c    2     k d  +     P d  /  P  p c    2    k g   



(19)




where   k d   and   k g   are the thermal conductivities of the droplet and gas, respectively. The heat transfer coefficient,   h g  , is calculated through the Ranz Marshall relation [51], but for the Nusselt number, Equation (21):


   h g  =    2 Nu  k m    r d     



(20)






  Nu = 2 + 0.6  Pr 3   Re   



(21)




where Pr is the Prandtl number, which is calculated below:


  Pr =     c  p , m     μ m    k m     



(22)




where   c  p , m    is the mean   c p  , which is calculated as shown in Equation (19) (but for   c p  ).



The droplet acceleration is derived from the Stokes drag law for a spherical object, and the drag coefficient S is calculated through [53]:


  S = 27   Re  − 0.84    



(23)







The above equation was derived for Re from 6 to 400; however, ref. [17] successfully tested it with propellant droplets for Reynolds numbers up to 2000. In addition, there are other relations for S [54]. Here, the Reynolds number must be calculated using   μ m   (Equation (19), but for   μ m  ), the relative velocity between the gas and droplet, and the vapor–gas mixture density below:


   ρ  v g   =     P c   M ¯     R u   T m      



(24)




where   M ¯   and   T m   are the average molecular weights between the vaporizing droplet and the gas, and this is calculated through


   M ¯  =  1 −     P d  /  P  p c    2     M d  +     P d  /  P  p c    2    M g   



(25)




where   M d   and   M g   are the droplet and gas molecular weights, respectively.



A fourth-order Runge–Kutta numerical method is used to solve the balance equations. The liquid and gaseous oxidizer properties are also obtained by fitting and interpolating data from the National Institute of Standards and Technology (NIST) [43]. The temperature inside the pre-combustion chamber was obtained through experimental testing; however, it can also be calculated using CFD.



It is worth noting that the vaporization model is a properly adapted formulation from Priem’s theory for HPRMs, as it was initially developed for LPREs. Additionally, as a one-dimensional model, it is limited to analyzing a single droplet, with no collisions, turbulence, or recirculation effects, which can significantly impact the results.



A computational algorithm was constructed to calculate the process described in the previous section. The Figure 5 below represents the algorithm workflow:



As seen above, there are three convergence criteria (a 0.1% tolerance was used):




	
Droplet consumption;



	
Mass transfer; and



	
Gas and droplet velocities.








The algorithm was implemented in MATLAB R2023b code, which took a few seconds to minutes to simulate each motor fully. Therefore, it is considered a cheap software, computationally and energetically speaking. Observation: It is worth noting that    r d  =   SMD/2.




5. Results, Validation, and Discussions


To validate the proposed algorithm, predictions were benchmarked against two key references: (i) experimental data from eight static-fire tests of SARA and ULBHRE HPRMs (Table 1), and (ii) established empirical design guidelines, notably the    L  p c   /  d  p c     ratio from ref. [1]. Figure 6 compares the measured and predicted pre-chamber lengths from these tests, yielding a mean absolute percentage error (MAPE) of 18% and a root-mean-square error of 12%.



Even the most significant deviation (31% for firing SARA–F5, which experienced an uncommanded oxidizer-temperature rise) induced only a   ± 2.7 %   spread in the projected 8% efficiency gain, keeping the energy-saving conclusion robust. A cross-check using the LOX/paraffin dataset of ref. [11] (see Supplementary Figure S1) yielded a similar MAPE (21%), confirming the algorithm’s transferability across oxidizer classes.



In the table above, tests from 1 to 4 are from the UnB motor (SARA), and 5 to 8 are from ULB (ULBHRE). For SARA, the port diameter was 34 mm and the grain length was 101 mm. For ULBHRE, these were 30 mm and 107.5 mm, respectively. In addition, SARA tests were conducted with 16 injectors (6 of them with 1 mm in diameter and 10 of them with 2 mm) and ULBHRE tests, 5 and 6 with 11 injectors (with 1.4 mm), and 7 and 8 with 21 injectors (with 1.4 mm), all of them showerhead. Other injector types were also tested in [4,5]. In the case of the SARA motor, the algorithm was executed with a 2 mm injector orifice, as it produced larger droplets, as estimated by Equation (1), and consequently required a longer pre-chamber.



The obtained results after running the algorithm for the eight motors from Table 1 are presented in Table 2, where the upward red arrow indicates that the simulated value is higher than the real and the downward green arrow indicates the opposite.



As seen above, motors 1, 2, 5, and 6 could have their length decreased from the perspective of droplet vaporization. However, motors 3, 4, 7, and 8 need to increase their lengths. With the results presented in Table 1 and Table 2, a stability chart was created to compare how far, or close, the simulated motors were from the real motors from a feed system-coupled instability perspective. This chart is presented in Figure 6.



Analyzing all the presented results, it was determined that the simulated motors with the minimum pre-chamber length required to vaporize an injected droplet corresponded to the real motors regarding combustion stability. Since, from a vaporization perspective, it was possible to decrease   L  p c    in motors 1, 2, 5, and 6. Figure 6 shows that this reduction did not induce instabilities, and this optimization was possible. On the other hand, motors 7 and 8 required a larger   L  p c    to complete droplet vaporization, and this increase was possible since the combustion remained stable. However, motors 3 and 4 would require an increased pre-chamber length to complete vaporization, which would still result in instability.



With these results, an analysis was conducted to achieve a design that would ensure stable combustion for motors 3 and 4. Assuming that all other parameters were constant, this modification was easily achieved by varying the port radius. It is important to mention that to maintain both   τ r   and   τ f   constant, the post chamber size would have to be modified, since   τ  p c    varies and    τ r  =  τ  p c   +  τ f  +  τ  m c    , where   τ  m c    is the residence time related to the post chamber, or mixing chamber. The required   L  p c    and the corresponding   τ  p c    decrease as the port radius increases. With the increase in port radius, the motor’s diameter would need to increase to maintain the same burn time, and the grain length would need to be adjusted to preserve the thrust. Figure 7 bellow shows the variation in   τ  p c    and   L  p c    as a function of   r p  :



This analysis was extended to the other motors. It was observed that there was a lower impact on combustion stability in the other cases. However, it was also possible to discuss the recommendation of using   L  p c   /  d  p c    = 0.5 [1] from the perspectives of droplet vaporization and feed system-coupled instability. The verifications are shown in Figure 8.



Figure 8a shows the impact of   r p   (each point for each motor is a different   r p  ) on T and how it was possible to reach stability only by varying the port radius (shown in Figure 6). In Figure 8b, it is possible to observe, through the asymptotic-like behavior, that most of the values of   L  p c   /  d  p c    were concentrated between 0.24 and 0.81. This range was also calculated through the standard deviation of the values. In addition, the mean and median values are presented in Table 3. The values of   r  p c    were calculated to maintain the original burn times of 12 s for SARA and 10 s for ULBHRE. The inputs are shown in Table 1 and were used in [5,32,48] to make the internal ballistic calculations for N2O and paraffin, considering a constant oxidizer mass flow rate.



It is worth noting that these results were presented in [55]. However, in this work, some minor errors in data handling were corrected, and the values were updated accordingly.



The    L  p c   /  d  p c     values shown in Table 3 were obtained by excluding values from motors 3 and 4, as they were unstable. However, the modified motors that stabilized them were used. The results presented above are valid for using the value recommended by [1]. Nevertheless, since [1] suggests a range of values for the post-chamber, a better recommendation would be 0.24–0.81. For preliminary sizing, one may assume 0.5 ± 0.25, although caution is advised. However, this range of values should be used cautiously and only in the early design phases. The ideal workflow to obtain an optimized size is, in this order,




	
to use the theory presented in this work (vaporization + stability);



	
molecular dynamics for droplet scale validation;



	
CFD for engine validation; and



	
cold and hot experimental testing verification.








The Figure 9 below shows the   τ  p c    for the same conditions as shown in Figure 8b:



The curves above have similar behavior for    L  p c   /  d  p c    . This makes sense since   τ  p c    is directly proportional to    L  p c   .   The droplet vaporization results along the axial distance, or pre-chamber length, are shown in Figure 10 for motor 2, as an example.



As observable in Figure 10a, the droplet is heated until it reaches the temperature required to boil the liquid, and then the heat transfer is zeroed. Of course, the sensible heating goes to zero, but latent heat transfer remains, as the phase change is ongoing. Initially, the mass flow rate variation is low because the variation in the terms in Equation (12) is equivalent. The droplet radius and the partial pressure increase with rising temperature, but the mass transfer coefficient and the correction factor for unidirectional mass transfer decrease, as they are inversely proportional to the droplet radius and the partial pressure, respectively. When the vaporization begins, the droplet radius and mass flow rate decrease. Additionally, the droplet velocity decreases significantly with increasing axial distance, as the droplet first expands, thereby increasing its drag. And finally, the gas velocity increases slowly during the droplet expansion phase. However, it increases rapidly in the vaporization phase until it reaches the port velocity   v p  .



Figure 11 below shows the droplet radius histories for all motors:



Although the droplets do not reach a diameter of zero in Figure 11, it is shown in Figure 10a that   d m / d t   decreased considerably. The droplet velocity reached the final gas velocity, and both obtained the port velocity (   v d  ≃  v g  ≃  v p   ), which are convergence criteria besides the droplet radius zeroing (Figure 5).



An interesting growth in droplet radius was observed at the beginning of the simulation. This is commonly caused by thermal expansion with high-molecular-weight fluids, which expand without losing significant mass through vaporization. In the case of low-molecular-weight fluids, the radius decreases immediately [21].



Ref. [17] also proposed a relation to calculate the characteristic velocity efficiency:


   η  c *   =      C *   v     C *   t    ·     f o    m ˙   o x   +  f f    m ˙  f      m ˙   o x   +   m ˙  f      



(26)




where   f o   and   f f   are the vaporized fractions of oxidizer and fuel, respectively;     C *   v   is the characteristic velocity calculated for the mixture ratio related to the propellant vaporized fraction (   f o    m ˙   o x   /  f f    m ˙  f   ); and     C *   t   is the theoretical characteristic velocity. This work assumed that all fuel was vaporized in all cases (   f f  = 1  ), as it is challenging to predict the correct value. In addition, the calculations were performed assuming the following design point: oxidizer    m ˙   o x    from Table 1, O/F = 8 and    P c  = 30   bar for SARA [5,32], and O/F = 7.2 and   P c   = 24 bar [5,31]. The Figure 12 below shows the results of   η  c *    as a function of the fraction of   L  p c   :



It is perceptible that for low   x /  L  p c    , the   η  c *    did not equal zero, although the cumulative vaporized mass of oxidizer was still near zero. This is explained by the assumption of a constant    f f  = 1  , which does not represent reality but is a reasonable assumption for higher values of   f o  . Moreover, it was assumed that the oxidizer only vaporized in the pre-chamber. However, it can also vaporize inside the combustion port, post-mixing, and in the combustion chamber.



Additionally, as discussed by [17], for LPREs, one may design a pre-combustion chamber with a length shorter than the one required for complete vaporization due to weight, size, or cost restrictions. In addition, an optimization process could be employed to analyze the performance-to-weight ratio. Perhaps an increase in   L  p c    would not be justified due to the low performance gain compared to the weight gain. A range from 90% to 100% seems reasonable. It is pertinent to note the limited availability of comparable, detailed pre-combustion chamber design algorithms in the hybrid rocket literature, which often favors empirical   L / D   ratios. The present validation against experimental motor data and established heuristics is thus considered a robust assessment for this research area.



Finally, since the   L  p c    impacts the mixture ratio, the reaction products highly depend on the pre-chamber length. The Figure 13 below shows the emissions of CO and CO2 as a function of   x /  L  p c    :



Only motors 2 and 6 are shown, as the variations between them were negligible. As can be observed, the closer to the optimum pre-chamber length in droplet vaporization, the lower the production of CO. However, CO2 increased, but more slowly. Summing both compounds, the graph below, in Figure 14 was obtained:



The above graph shows that the lower combined emissions occurred when   x /  L  p c   = 1  , resulting in approximately a 31% decrease in the combined emissions. NOx emissions were negligible. The CEA (Chemical Equilibrium with Applications) program [56] was used to calculate the characteristic velocities and combustion products.




6. Conclusions


This work presented an algorithm with a vaporization model capable of optimizing the pre-chambers of hybrid rocket motors by calculating the minimum length required to vaporize an injected droplet. In addition, a verification of feed-system coupled instabilities was performed. The results showed a relation between the port radius, combustion stability, and the pre-chamber length. The    L  p c   /  d  p c     range was defined as 0.24 to 0.81. Another characteristic of the vaporization model for HPRMs is that it depends solely on the injector geometry, the oxidizer, and the port diameter, differently from LPREs.



A discussion on the impact of the vaporization fraction and, consequently, the characteristic velocity efficiency as a function of the fraction of pre-combustion chamber length was also presented. As expected, the closer the length was to the calculated required pre-combustion chamber length, the closer the efficiency approached 100%.



The presented study contributes to the design methodology of pre-combustion chambers for hybrid propellant rocket motors, a field of significant interest but with few literature references available. The proposed algorithm can minimize weight, heat transfer losses, nonuniform grain burn, and costs by suppressing feed-system coupled instabilities through tests. Future works will be conducted to study the sensitivity of each design parameter in depth. This will allow us to understand their impact, and better control and optimize the pre-chamber size. In addition, this theory will be extended to the post-combustion chamber for liquefying fuels.
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Figure 1. Atomization transition regions as a function of  We ,  Re  and  Oh , combined from Refs. [35,36]. 
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Figure 2. Scheme of chamber pressure oscillations as a function of  α : (a) stable, (b) unstable, and (c) marginally stable. 
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Figure 3. Effect of T,   L  p c    and   τ  p c    on feed-system-coupled instability. 
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Figure 5. Algorithm flowchart. 






Figure 5. Algorithm flowchart.



[image: Energies 18 03123 g005]







[image: Energies 18 03123 g006] 





Figure 6. Stability chart:  β –T map with experimental and simulated points. 
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Figure 7. Variation in   τ  p c    and   L  p c    as a function of   r p  . 
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Figure 8. Impact of   r p   on combustion instability (a) and on   L  p c   /  d  p c    (b). 
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Figure 9. Impact of   r p   on   τ  p c   . 
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Figure 10. Results for motor 2 for droplet vaporization of (a)     m ˙  d  =    d m   d t     ,   T d   and q, and of (b)   v d   and   v g  . 
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Figure 11. Results of droplet vaporization of droplet radius with distance. 
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Figure 12.   η  c *    as a function of the fraction of   L  p c   . 
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Figure 13. CO and CO2 mole fraction as a function of the fraction of   L  p c   . 
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Figure 14. CO+CO2 mole fraction as a function of the fraction of   L  p c   . 
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Table 1. Parameters of the tested conditions.
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	Motor #
	   L pc    [mm]
	   P c    [bar]
	   Δ P    [bar]
	    m ˙  ox    [kg/s]
	   τ pc    [ms]
	   τ f    [ms]
	   τ r    [ms]





	1
	56.6
	25.2
	24.7
	0.211
	7.5
	6.1
	26.7



	2
	157.6
	39.0
	15.2
	0.396
	11.9
	4.3
	38.2



	3
	56.6
	42.4
	9.5
	0.379
	4.5
	4.9
	22.8



	4
	56.6
	40.7
	10.3
	0.432
	3.9
	4.2
	19.4



	5
	102.5
	16.5
	30.0
	0.380
	4.0
	2.5
	36.5



	6
	102.5
	16.8
	30.7
	0.390
	3.9
	2.5
	37.1



	7
	102.5
	24.0
	21.6
	0.540
	5.1
	2.4
	36.5



	8
	102.5
	22.7
	23.1
	0.576
	4.8
	2.1
	32.3










 





Table 2. Comparison between calculated minimum pre-chamber length and real length.






Table 2. Comparison between calculated minimum pre-chamber length and real length.





	
#

	
   L pc    [mm]

	
   L pc    [mm]

	
Difference [%]




	
(Real)

	
(Simulated)






	
1

	
56.6

	
44.3

	
21.73 ↓




	
2

	
157.6

	
105.2

	
33.25 ↓




	
3

	
56.6

	
245.5

	
333.74 ↑




	
4

	
56.6

	
245.3

	
333.39 ↑




	
5

	
102.5

	
97.6

	
4.78 ↓




	
6

	
102.5

	
90.1

	
12.07 ↓




	
7

	
102.5

	
219.9

	
114.53 ↑




	
8

	
102.5

	
200.1

	
95.22 ↑











 





Table 3. Values of   L  p c   /  d  p c   .






Table 3. Values of   L  p c   /  d  p c   .





	Parameter
	Value





	Mean
	0.53



	Median
	0.38



	Interval
	  0.24 ≤  L  p c    /   d  p c   ≤ 0.81  
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