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Abstract: An air-separation unit (ASU) uses atmospheric air to produce essential pure gaseous and
liquid products for many industrial sectors but requires intensive power consumption. In recent
years, cryogenic liquid turbine expanders have been used to replace the traditional J-T valves
in air-separation units to save energy. In this paper, an effective design optimization method is
proposed to suppress swirling flow and mitigate cavitation in liquid turbines. A flexible tuning of the
impeller and fairing cone geometries is simultaneously realized, where the optimization variables are
identified via a geometric sensitivity study. A novel objective function is deliberately established
by allowing both swirling flow and cavitation characteristics, driving the optimizer to search for
deswirling and cavitation-resistant geometries. A kriging surrogate model with an adaptive sampling
strategy and a cooperative co-evolution algorithm (CCEA) are incorporated to solve the highly
nonlinear optimization problem, where the former reduced the costly evaluations but simultaneously
maintained the model prediction accuracy and enabled the aim-oriented global searching (the latter
decomposes the problem into several readily solved sub-problems that could be solved in parallel at
a high-convergence rate). The optimized impeller and fairing cone geometries were quite favorable
for suppressing swirling flow and mitigating cavitation. The impeller cavitation was significantly
reduced, with the maximal vapor volume fraction reduced from 0.365 to 0.17 at the blade surface; the
diffuser tube high-swirl flow was significantly deswirled and the intensive vapor fraction around the
centerline largely reduced, with the maximal vapor volume fraction in the diffuser tube reduced from
0.387 to 0.121. As a result, the isentropic efficiency of the liquid turbine expander was improved from
88.4% to 91.43%.

Keywords: energy saving; air separation unit; cryogenic liquid turbine expander; cavitation;
design optimization

Highlights

• Objective function considers both the swirling flow and cavitation characteristics
• The developed optimization method is proven to be efficient for cavitating flow mitigation
• Collaborative fine-tuned impeller and fairing cone geometries diminish the swirling flow and

then suppress cavitation

1. Introduction

It is well-known that cryogenic air-separation units (ASUs) are very energy-intensive and require
considerable power consumption, and the enhancement of their energy efficiency is in demand.
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In large-scale internal compression ASUs, high-pressure liquefied air (up to 60–75 MPa) needs to
be throttled to a low level (around 0.5–0.6 MPa) so as to meet the technical requirements of the
downstream distillation column. Conventionally this has been done with a Joule–Thomson valve, but
this can cause severe problems. For example, the high-level pressure head is wasted in the cryogenic
ASU, and it unexpectedly raises the cryogenic system temperature, which can compromise the ASU’s
energy efficiency by 2.5%–3.5%. In recent years, liquid turbine expanders have been adopted in
place of traditional Joule–Thomson valves, as they have a proven capacity for enhancing ASU energy
efficiency [1–3]. Liquid turbine expanders reduce the pressure head of the working medium, while
simultaneously converting it into output shaft power that can prevent heating from being throttled
and further produce a cryogenic refrigeration effect. As a result, the use of a liquid turbine expander
can produce significant energy-saving benefits in ASUs, (e.g., in [4–6] the power consumption of the
ASU is reduced by 3.1%).

Similar to conventional hydraulic turbomachines of pumps and hydraulic turbines, detrimental
cavitation also unavoidably occurs in liquid turbine expanders. Cavitation of conventional hydraulic
turbomachines has attracted considerable research, but very limited work on cryogenic turbomachines
has been reported [7–9].

In both conventional hydraulic turbines and pumps, swirling-flow-induced cavitation is significant
and detrimental [10–15]. In hydraulic turbines, swirling flow originates from the rotating impeller,
but further propagates downstream into the diffuser tube, leading to considerable mechanical head
dissipations [16]. It is also responsible for local cavitation around the impeller exit and draft rube [17–23].
Both experimental and numerical approaches have been used to reveal the relevance between swirling
flow and cavitation [10,24–28]. The optimized diffuser tube inlet velocity profile has been proven
effective for cavitation mitigation [29–33]. The counterpart pump of a hydraulic turbine also suffers
from swirling-flow-induced cavitation, but this happens around the impeller inlet and its upstream
duct. Previous investigations have demonstrated that modified impeller leading edge geometries can
improve pump cavitation performance [34–36]. The use of properly designed inlet inducers has also
been effective for pump cavitation mitigation [37,38], and can control cryogenic pump cavitation in
liquid rocket propulsion systems [39–41].

In liquid turbine expanders, the swirling vortex downstream the impeller is significant, as it
usually operates even at high rotating speeds up to tens of thousands of RPM, which unavoidably
results in detrimental swirling-flow-induced cavitation. Notably, cavitation of conventional hydraulic
turbines/pumps is mainly associated with local pressure, but cavitation of cryogenic liquid turbine
expanders is much more complex, and depends on both the variations of static pressure and static
temperature due to the significant thermodynamic effect of cryogenic fluids. Over the years, significant
work on cryogenic liquid turbine expanders and the cavitating flow mechanism have been explored by
the present team of authors [42–44]. As demonstrated in [44,45], the swirling flow in liquid turbine
expanders has significant influence over impeller and diffuser tube cavitation, and both swirling
flow and cavitation are sensitive to the geometric variations of impeller blades [44]. In our previous
work [46], a fairing cone was introduced to control impeller cavitation. The numerical results show that
the cavitating flow is sensitive to the fairing cone geometry variations, indicating that the geometry
optimization of fairing cones is essential for cavitation suppression. Should the impeller geometry and
fairing cone shape be collaboratively fine-tuned, the cavitation resistance capacity of cryogenic liquid
turbine expanders would be largely improved.

The present study focuses on the cavitation mitigation of a cryogenic liquid turbine expander by
fine-tuning the geometry optimization of the impeller trailing edge and fairing cone shape. An effective
computational fluid dynamic (CFD)-based design optimization method is developed. The objective
function is defined considering both swirling flow and cavitation characteristics, which drives the
optimizer to search for the right track towards low-cavitation geometries. A kriging model is adopted
to reduce the costly and time-consuming CFD evaluations of the objective function, but it is updated
with an adaptive sampling strategy to improve prediction accuracy and subsequently help in achieving
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the global optima. The optimization problem is solved by the cooperative co-evolution algorithm
(CCEA), which decomposes the complex problem into several simpler sub-problems and solves them
in parallel with high-convergence rate. It is proven that the optimized impeller trailing edge geometry
and fairing cone shape are favorable for reducing swirling flow and mitigating cavitation.

2. CFD Models and Validations

Intensive CFD callings are required for the evaluation of cavitation performance in the optimization
process and to establish the objective functions [13,44,47]. To have an insight into cavitating flow
physics prior to commencing the optimization, two-phase flow analysis is conducted for the originally
designed expander geometry, from which the influential geometric factors are identified. The CFD
simulations are carried out at the expander stage with ANSYS-CFX.

2.1. Physical Model and Meshing

Table 1 presents the main design parameters of the presently investigated cryogenic liquid turbine
expander, which uses liquefied air as a working medium.

Table 1. Specifications.

Parameters Units Value

Inlet pressure MPa 7.00
Outlet pressure MPa 0.58

Inlet temperature K 97.15
Mass flow rate kg/s 26.84

Rotational speed rpm 20,000

The physical model comprises the volute, vanned nozzle ring, shroud impeller and diffuser tube,
as shown in Figure 1.
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Figure 1. Physical model of the cryogenic liquid turbine expander.

As shown in Figure 2, the hexahedral structured grids are generated for the vanned nozzle and
impeller using Turbogrid, the structured grid is generated for the diffuser tube and the unstructured
grid for the volute zone using ICEM. To capture the near wall flow behavior, the grids are refined at
the blade surfaces, leading and trailing edges and end wall regions.
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The grid quality is checked by using ICEM software with a minimum face orthogonality angle
of > 25◦. In the converged (mesh-independent) design optimization solutions, the expansion rates
near the hub and shroud boundary layers of both the impeller and exducer are about 1.2, and the
mesh expansion rate near the blade surface is around 1.2–1.3. Moreover, once the flow simulation is
accomplished, all the y+ values have been checked, with the value of y+ being less than 10.2 around
all the solid boundaries, which satisfies the requirement of the k–ε model adopted in the present
study [48].

2.2. Physical Properties of Cryogenic Air

As for cryogenic turbomachines, the cavitation is more complex. This is because cryogenic fluids
are more sensitive to temperature variation and the significant latent heat cannot be ignored, whereas
both aspects are commonly neglected in conventional hydraulic machines. As mentioned for the
cavitation models, the total energy equation is incorporated to allow for temperature variation in the
cryogenic flow. Besides, variations are also considered for the thermal physical properties of liquefied
air versus both temperature and pressure. In the present study, the thermal properties of liquefied
air are calculated by the NIST-REFPROP and represented as the functions of static temperature and
pressure to connect with the CFX interface module.

2.3. Numerical Models

2.3.1. Cavitation Model and Validation

The so-called Rayleigh–Plesset (RP) model [14] is used for cavitating flow simulations. The
cavitation model incorporates the homogeneous mixture hypothesis with the Rayleigh–Plesset model,
where the former treats the liquid and vapor phases as a continuous mixture, and the latter describes
the bubble dynamics [49,50].

The RP equation controls the vapor generation and condensation, as is given by

RB
d2RB

dt2 +
3
2

(
dRB

dt

)2

+
2σ
ρlRB

=
pv − p
ρl

(1)

where RB is the bubble radius, p is the liquid pressure surrounding the bubble, pv is the pressure in a
bubble, ρl is the liquid density and σ is the surface tension coefficient.
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The mass transfer rate is derived from the RP model and expressed as a source term in continuity
equations. In CFX, the source term is modeled by employing the Zwart–Gerber–Belamri model as the
mass transfer model [51], as presented below.

.
m f g =

 Fvap
3rnuc(1−rv)ρv

RB

√
2
3

Pv−P
ρl

i f P < Pv

Fcond
3rvρv

RB

√
2
3

P−Pv
ρl

i f P > Pv
(2)

In the above equations, rnuc is volume fraction at the nucleation site, and Fvap and Fcond are
the empirical coefficients for evaporation and condensation processes, respectively. In the present
study, these coefficients take the values of rnuc = 5.0 × 10−4, RB = 1.0 × 10−6 m Fvap = 0.2, Fcond =

0.012, respectively.
Such a model was justified by some previous investigators in the studies of both conventional

hydraulic machines [13,52], and cryogenic turbomachines [7–9], with the cavitation models having been
verified by the prese t team of authors in our previous publications [42,44]. The cryogenic hydrofoil
flow was simulated and the predicted surface static pressure and temperature were consistent with the
test data [53] (Figure 3). The predicted hydrofoil cavity length over the upper and lower surfaces was
0.0156 m, which is very close to the experimental value of 0.0152 m by Hord [53].
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Figure 3. Comparisons of predicted cryogenic hydrofoil cavitating flow with the measured data:
(a) computational grid; (b) contour of vapour volume fraction; (c) surface static pressure profile;
(d) surface static temperature profile.

2.3.2. CFD Models

Flow simulation is conducted with CFX in the staged environment, where the finite-volume
method is adopted to discretize the RANS equations and the k–ε model is adopted with a scalable
wall function to close the turbulence terms for a robust convergence. Such a method is justified by
the previous tube swirling flow investigations [54,55]. Moreover, a total energy model is adopted,
allowing for a thermodynamic effect.

2.3.3. Boundary Conditions

As for the inlet and boundaries, total pressure (7.0 MPa) and total temperature (97.15 K) at the
volute inlet are given, while averaged static pressure (0.58 MPa) is specified at the diffuser outlet.
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For the rotational interface of the nozzle-impeller and impeller-diffuser, the frozen rotor approach
is specified.

2.3.4. Convergence Criteria

Termination of flow simulation is determined according to the information of two successive
iterations, and will terminate as the following convergence criteria are satisfied simultaneously:

(1) the difference between inlet and outlet mass flow is less than 1%�;
(2) residuals of heat transfer parameters are less than 10−4;
(3) monitored temperature variations are less than 0.001 K;
(4) variation of shaft power is less than 1%�.

The convergence criteria meet the requirement of the engineering applications, offering a
compromise between computational accuracy and expense while providing sufficient precision
of the predicted temperature to capture the characteristics of the cavitating flow.

2.3.5. Grid-Independency Study

To exclude the influence of grid size, the simulation results with different mesh sizes were tested.
As shown in Table 2, the grid size of the volute zone was fixed, while the grid size of nozzle, impeller
and diffuser tube were gradually increased. The initial grid of A was 2.3 million. Then, three larger
grids of B, C and D were obtained through refinement. As shown in Table 2, the sizes of grids increased
from A to D, where the total sizes of A, B and C are increased linearly.

Table 2. Independence study.

Cases Total Number Volute Nozzle Impeller Diffuser Tube Runtime [s]

A-initial 2.30 ×106

495,382

613,040 1,075,340 124,354 11,080
B-refined 3.21 ×106 916,007 1,617,860 181,653 16,960
C-refined 4.06 ×106 1,208,012 2,130,480 228,708 21,520
D-refined 4.59 ×106 1,389,810 2,444,530 261,678 24,588

Numerical simulations were conducted for the four groups of grids, and the predicted expander
efficiency, mass flow rate and running time are compared in Table 2 and Figure 4. For the grids less
than group C, the deviations in overall efficiency were significant; for grid C and D, small deviations
were produced, but the computation time increased significantly with the grid size.
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Thus, grid C with 4.06 million is regarded as reasonable, allowing for both computational accuracy
and time, and is used throughout the present study.
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2.3.6. Numerical Methods Validation

The above numerical methods were validated by the experimental data in our recent paper [56],
in which the flow simulation was conducted with the same parameters as the experimental test.

As shown in Figure 5, the predicted efficiency curve tended to agree well with the experimental
data variations, but there was a deviation between the two curves. By consideration the measured
error around ±4.0% reported in [56], the predicted curves reflected the actual trend.
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Figure 5. Predicted and measured efficiency curves.

It is noticed that the numerical approach provided more wide-range data than the measured one,
and the predicted peak efficiency resided at a speed ratio of 0.71, which is consistent with the ideal
theoretical optimal value suggested in [57] (i.e., u1 = 1/

√
2 = 0.707).

2.4. Flow Investigation of the Original Turbine Expander

With the aforementioned CFD models, numerical simulations were conducted on the original
impeller and fairing cone geometries. The obtained results are presented and discussed below.

Figure 6a presents the vapor volume fraction for the impeller and diffuser tube, where the
cavitation resided mainly in three regions: region A at the impeller blade trailing edge, region B at
the diffuser tube inlet and region C around the diffuser tube centerline. The impeller trailing edge
cavitation resulted from the mismatched flow behavior, where the blade trailing geometry did not suit
the local exit flow, causing the flow to separate from the blade surface, as depicted by the streamline
contour on the left of Figure 6b. Such flow separation caused local mechanical head dissipation, as
indicated by the entropy contour. Subsequently, local pressure drops and temperature rises occurred,
as shown in middle and right of Figure 6b, respectively. The combined effect of low static pressure and
high static temperature was responsible for the local cavitation.
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Cavitation in the diffuser tube occurred in two regions and of different scales seen in Figure 6a
(right side): the smaller formed downstream from the impeller trailing edge, while the larger formed
around the centerline. The former resulted from the propagation of impeller cavitation while the
latter resulted from the diffuser tube swirling flow. As shown by the streamline/velocity contour in
Figure 6c, the impeller exiting flow further developed into a rope-like swirling flow in the vaneless
diffuser tube due to the significant circumferential component of the impeller exiting-velocity-produced
high-speed rotation. Such vortex swirling flow led to considerable flow losses around the center core
region, as depicted by the entropy production contour and subsequently the local-pressure drops and
temperature-rises shown above. The combination of low static pressure and high static temperature
was responsible for the swirling-flow-associated cavitation around the diffuser tube center core region.

Obviously, to suppress the expander cavitation, reducing the impeller trailing edge flow
separation and deswirling the diffuser tube vortex flow are essential. This can be achieved by
a collaborative fine-tuned geometric optimization of the impeller exit and diffuser tube fairing cone
shapes, as introduced in the following sections.

3. Geometric Design Optimization Method

An effective optimal design method was developed for cavitating flow suppression, which
involves a suitable objective function, identifying the optimization variables and solving the highly
nonlinear complex design optimization problem globally and efficiently.
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3.1. Optimization Variables

In the optimization, a flexible tuning of the impeller geometry and fairing cone shape was
simultaneously realized, with the former tuned at both levels of the 2D meridian profiles and 3D blade
geometry, and the latter tuned in 2D dimensions. The optimization design variables were identified on
a basis of geometric design analysis and sensitivity study.

As shown in Figure 7, the impeller meridional was defined by two elliptic parabolic curves of 2-3
and 1-4, and their variations were realized by adjusting R1, R2, R4, b, L, and α1. The impeller comprises
a radial-straight work wheel and the twist exducer, where the latter is of a cylinder-parabola curved
surface and parameterized by three blade angles of θ0M, β0

B0M, β0
B02. The fairing cone is used to make

a gradual transition of the flow path from the impeller blade passage to the vaneless diffuser tube.
The fairing cone head is a sphere of diameter D0, which is tangent to the line 0-1, while β denotes the
taper angle.
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Sensitivity studies were conducted for the impeller blade and fairing cone geometric parameters
to obtain the most flow-sensitive geometric parameters. These are then used as the design variables for
design optimization.

In total, eight geometric parameters were identified as design variables, including R1, R2, α1,
θ0M, β0

B0M, β0
B02, β and D0/D1. The first three variables represent the meridian profile variations, where

R1 denotes the impeller outlet inner radius, R2 the impeller outlet outer radius and α1 the biased
angle of the inducer external end-face. The second three variables describe the impeller blade twist,
where θ0M denotes the maximal circumferential twist angle, β0

B0M the blade angles at mean radius and
β0

B02 the blade angles at the tips. The final two variables describe the fairing cone shape variation,
where β denotes the fairing cone taper angle, and D0/D1 the normalized fairing cone head diameter.
The above eight geometric variables were collaboratively optimized by the developed optimization
method, which is presented below.

3.2. Establishment of Objective Function

For turbomachine design optimization, a well-suited objective function is essential. Commonly,
the overall performance of the efficiency and pressure ratio is set as the optimization goal. However, this
can compromise the optimization benefits, as the flow characteristics are excluded from the optimization
target, whereas they are the ultimate basis for achieving high-level overall performance. If the design
goal is to control the flow (for instance, the present study is aimed at cavitation suppression), then setting
the overall performance as the objective function obviously will compromise the optimization benefits.

In this study, a novel objective function was established to consider both swirling flow and
cavitation characteristics, driving the optimizer to search for the right track towards low-cavitation
geometries. It takes two steps to establish such an objective function: characterizing the swirling and
cavitation flows, and establishing the objective function.
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3.2.1. Flow Characterization

With each of various combinations of impeller and firing cone geometries, the liquid turbine
expander flow and overall performance were predicted, respectively, and the relations of the flow and
the overall performance parameters are herein explored. On such a basis, the characteristic parameters
are determined, which are η, V fave, ζ and Vcave. η represents the overall isentropic efficiency of a
turbine expander, and is used to prevent an excessive sacrifice in overall performance with various
geometric combinations; V fave is the averaged vapor volume fraction at the impeller blade suction
surface, depicting the impeller cavitation intensity and scale; Vcave is the averaged circumferential
velocity component of the diffuser tube flow depicting the flow swirling intensity in the diffuser tube;
ζ is the loss coefficient of the diffuser tube flow depicting the loss level, which is obtained from the
total pressure over the cross sections of the diffuser tube inlet and outlet.

ζ =

1
Ain

∫
in PtdA− 1

Aout

∫
out PtdA

1
2ρ

( Q
Ain

)2 (3)

where P denotes the static pressure; Pt is the total pressure and Pt = P + 0.5ρ
(
u2 + v2 + w2

)
, being

normalized using the energy flux estimator 1
2ρ

( Q
Ain

)2
.

The flow characteristic parameters varied accordingly with the geometric parameters of impeller
blade and fairing cone shapes, and they also depicted the expander flow behavior, which is illustrated
through the following example cases.

Table 3 presents the flow characteristic parameters obtained respectively from four different
combinations of impeller and fairing cone geometries. As the geometric parameters varied within
their ranges, each flow characteristic parameter (except the overall performance indicator of η) varied
significantly within its own range, demonstrating the sensitive relationship between geometric and
characteristic parameters. The variations of the characteristic parameters represented the corresponding
variations in the flow behaviors. As shown in Figure 8a, the maximal and minimal vapor volume
fraction of the four cases occurred in cases 1 and 2, respectively. According to the scale and intensity of
impeller cavitation, the cases could be sorted from strong to weak in the following order: case 1, 4, 3
and 2. The same orders are shown by the predicted characteristic parameter V fave in Table 3.

Table 3. Characteristic and overall performance parameters versus geometric parameters.

Parameters Symbol Units Range Original Case 1 Case 2 Case 3 Case 4

Flow characteristic parameters
and overall performance

indicator

η — 0.8761–0.9039 0.8839 0.8984 0.8891 0.8826 0.8971
V fave — 0.0193–0.0251 0.0238 0.0243 0.0198 0.0225 0.0231
ζ — 0.0276–0.0571 0.368 0.427 0.265 0.371 0.322

Vcave m/s 1.632–2.773 2.127 2.44 0.844 0.914 1.274

Geometric
parameters

Meridian
profile

R1 mm 9–12 10.4 12.0 10.5 10.0 9.5
R2 mm 20–23 21.3 23.0 20.0 21.0 20.5
α1 degree −5.0–5.0 0.0 4.0 2.0 −1.0 −4.5

Blade shape
θ0M degree 14.0–28.0 20.0 15.0 21.0 27.0 25.0
β0

B02 degree 20–30 25.0 28.0 20.0 20.0 22.0
β0

B0M degree 30–40 33.0 35.0 30.0 30.0 38.0

Fairing
cone shape

β degree 15–25 18.0 15.3 16.5 16.8 18.5
D0/D1 — 0.2–0.96 0.95 0.29 0.48 0.30 0.33
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Figure 8. Predicted flow patterns and vapor volume fractions for different geometric combinations: (a)
cavitation at impeller blade suction side; (b) diffuser tube flow.

The diffuser tube cavitation intensity is shown on the left side of Figure 8 from top to bottom, with
cases 1, 4, 3 and 2 representing the highest to lowest intensity, respectively, while the predicted diffuser
tube averaged circumferential velocity components of Vcave in the same order in Table 3, indicating that
the diffuser tube cavitating flow mainly resulted from its swirling flow. This was further confirmed by
the predicted diffuser tube streamline/velocity contours (right side of Figure 8b), where cases 1, 4, 3
and 2 had the highest to lowest diffuser rope-like flow intensity, respectively, which is identical to the
diffuser tube cavitation intensity.

Moreover, the variations of the geometric parameters in cases 1–4 brought about slight changes in
the overall efficiency of η (≤0.0065), as shown in Table 3, which indicates a less-sensitive relationship
between geometric parameters and the overall performance. Clearly, if the overall performance of the
turbine expander were used merely to establish the objective function, the design optimization would
become ineffective.

3.2.2. Objective Function Establishment

As discussed above, flow characteristics in the turbine expander were well-depicted by the
four characteristic parameters of η, V fave, ζ and Vcave. To achieve the swirling flow control and
cavitation suppression goal, the objective function can be defined through a combination of normalized
characteristic parameters, given by

obj(x) = C1(1− η)
′ + C2V fave

′ + C3ζ
′ + C4Vcave

′ (4)

where x is the design variable vector involving the impeller and fairing cone geometry parameters R1,
R2, α1, θ0M, β0

B0M, β0
B02, β and D0/D1.
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C1, C2, C3, C4 are the empirical coefficients that represent the weights among the four characteristic
parameters in Equation (4). In the present study, the four characteristic parameters were normalized in
the following equations, respectively, and thus the weight coefficients are assigned to the identical
values (i.e., C1 = C2 = C3 = C4 = 0.25).

(1− η)′ = max(η)−η
max(η)−min(η) ; V fave

′ =
V fave−min(V fave)

max(V fave)−min(V fave)

ζ′ =
ζ−min(ζ)

max(ζ)−min(ζ) ; Vcave
′ =

Vcave−min(Vcave)
max(Vcave)−min(Vcave)

(5)

In the normalization Equation (5), the minimum and maximum values of each parameter are used
(Table 3), and they are pre-evaluated through CFD simulations before the optimization is commenced.

3.3. Optimization Framework

CFD-based turbomachine design optimization is known as a highly nonlinear problem. However,
for the cryogenic liquid turbine design optimization, the complexity is increased when cryogenic
cavitation and thermodynamic effects are involved, which makes calculating the CFD very costly
and time-consuming. During the optimization process, intensive callings of such computationally
expensive CFD simulations are required, during which the two-phase swirling and cavitation flow
will be predicted, and the objective function will be calculated. Such an optimization can become
unaffordable in regards to both time and capital aspects.

In the present developed optimization method, a kriging model was adopted to reduce the cost of
CFD evaluations, and it was updated with an adaptive sampling strategy to continually improve its
prediction accuracy, so as to achieve a global optimum. The optimization problem was solved using
the cooperative co-evolution algorithm (CCEA), which decomposes the original problem into several
readily solved sub-problems, then solves them with a high-convergence speed.

The optimization algorithms proposed by the present authors has been successfully applied in
axial flow compressors [58] and in cryogenic liquid turbine expander design optimization [44].
The incorporation of such optimization algorithms into the present turbine expander design
optimization is briefed below, and a detailed description of the optimization algorithms can be
found in our previous publications [44,58].

Figure 9 presents the optimization framework for cryogenic cavitation mitigation in an ASU
liquid turbine expander, which is driven by the newly established cavitation-attenuation objective
function that allows for the collaborative fine-tuning of the impeller and fairing cone geometric shapes.
The optimization methodmainly involves four modules: ‘DOE (Design of Experiment)’, ‘Automatic
CFD Evaluation’, ‘Adaptive Sampling’, and ‘Database’. Its implementation is briefed below.

(1) At first, ‘DOE (Design of Experiment)’ is performed, in which quite a number of impeller and
fairing cone geometric shape candidates are obtained with a space-filling scheme. CFD simulations
are respectively conducted for each of them. The objective functions are then predicted by means
of Equation (4) and used to construct the initial ‘Database’.

(2) Using the evaluated DOE samples, a coarse kriging-based surrogate model is established.
(3) The optimization loop starts with ‘Adaptive Sampling’. The CCEA optimizer and adaptive kriging

model are incorporated, with the CCEA solving the auxiliary optimization problem to select new
impeller and fairing cone design candidates with a good balance between the optimal searching
and surrogate model updates. As the optimization loop proceeds, the potential candidates are
successively obtained by the adaptive sampling strategy through the above procedure.

(4) During the optimization, if it is required, ‘Automatic Evaluation’ will be evoked by a batch
code, where the geometric meshing and cryogenic cavitation flow simulation can be set up
automatically. Once the simulation is done, the objective function is calculated using Equation (4)
and used to update the ‘Database’.

(5) The optimization terminates as the prescribed maximal CFD callings are reached.
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In the optimization, the adaptive feature of the surrogate model and the parallel capacity of
the optimization algorithm both play a significant role. The former helps to reduce the costly CFD
evaluations, while simultaneously enhancing the surrogate model prediction accuracy, and this permits
the aim-oriented global optimization searching; the latter (i.e., the parallel capacity of the CCEA)
accelerates the optimal solution-searching rate. With both, the mitigation of cryogenic cavitation in a
liquid turbine expander is made possible through collaborative fine-tuned geometries of the impeller
and fairing cone shapes.

4. Optimization Results

The optimization was conducted on a single Dell 7500 workstation (with 2 Xeon 2.93 GHz
processors and 24 GB ram), and took some 300 h to converge. In total, 60 callings of CFD simulations
were performed, with 24 callings performed for evaluating the DOE samples being used in the coarse
surrogate model construction, and the the other 36 callings are performed for evaluating the updated
samples throughout the optimization process.

In the optimization, the impeller blade geometry and faring cone shape were both varied and
optimized. Table 4 presents the optimized geometric parameters alongside the original ones. The first
three represent the impeller meridian, the middle three describe the 3D blade angles and the last two
describe the fairing cone shape.

Table 4. Original and optimized impeller and fairing cone geometric parameters.

Geometry Parameters Units Original Optimized

Meridian profile
R1 mm 10.4 11.2
R2 mm 21.3 21.8
α1 degree 0 2.6

3D blade angles
θ0M degree 20 23.2
β0

B02 degree 25 26.2
β0

B0M degree 33 35.1

Fairing cone shape β degree 18.0 22.3
D0/D1 — 0.950 0.454

The change of first three variables indicates significant variations of the hub and shroud profiles.
Table 4 shows that the optimized impeller outlet width (21.8 − 11.2 = 10.6 mm) was smaller than the
original one (21.3 − 10.4 = 10.9 mm), indicating that a narrower flow passage with a larger averaged
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outlet radius was obtained through optimization. Such variations of flow passage are favorable for
improving the blade trailing edge flows, as will be discussed below. The optimized 3D blade angle
parameters are also compared with original parameters in Table 4, indicating significant tuning of the 3D
blade shape. Moreover, as shown in the table, the fairing cone geometry shape also varied significantly,
indicating that its geometric shape was highly associated with the swirling and cavitating flows.

Such geometric variations are driven by the deliberately established objective function and based
on flow characteristics. They are proven to be efficient for mitigating the swirling vortex and cavitation,
as introduced below.

Figure 10 presents the optimization path of the overall expander performance and characteristic
parameters. As shown in the figure, with the original design (of zero CFD evaluation), the impeller’s
overall efficiency η was 88.39%, while the flow characteristic parameters of the impeller suction-side
averaged vapor volume fraction V fave, the diffuser tube loss coefficient ζ and the circumferential
velocity component Vcave were 0.0238, 0.0368 and 2.127, respectively. The first 24 CFD calculations
were used for DOE sample evaluations, for which the expander overall efficiency and the values of
flow characteristic parameters (V fave, ζ and V fave) were both randomly distributed, exhibiting the exact
space-filling feature of the DOE samples.
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As the optimization proceeded and the CFD evaluations increased, the impeller’s overall efficiency
rose and the vapor fraction decreased as expected, from 50 to 60 evaluation. All four curves of the
optimization path tended to be flat, indicating convergence of the optimization.

The optimization paths in Figure 10 indicate the distinct features of our developed optimization
method. As shown in Figure 10b, with the original design (of zero CFD evaluation), the diffuser tube
circumferential velocity component Vcave was of a high level, indicating that the diffuser tube swirling
flow was significant. The large loss coefficient ζ on the curve indicates that there was considerable
mechanical head loss. As the CFD evaluations increased during the optimization, the diffuser tube
circumferential velocity component decreased; thus, the loss coefficient decreased. In the zoom-in
region from CFD evaluations 30 to 32, the overall efficiency and impeller vapor volume fraction all
increased, while the diffuser tube loss coefficient and circumferential velocity component decreased
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and then increased in the reverse direction from the optimal. This demonstrates the precise exploitation
capacity of the adaptive optimizer when optimal searching is performed in the most infeasible region
to prevent being trapped around the local optima. The combination of the descending exploration and
ascending exploitation capacity allowed the optimization to converge efficiently at a global solution.
From evaluation 50 to 60, all the curves tended to be flat, indicating the eventual convergence of
the optimization.

The optimization path of the quantitative characteristic parameters was also supported by the
evolution of cavitation behavior during the optimization process. Figure 11 presents impeller cavitation
snaps at their original state and during four different optimization loops.
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As shown above, significant cavitation resided at the trailing edge of original impeller blade.
The first 24 evaluations were used for DOE sample evaluations, and the presented results represent
the impeller with smallest value V fave of the 24 DOE samples. As the optimization proceeded,
the scale and intensity of cavitation reduced gradually. For instance, the results from 36 evaluations
showed a significantly reduced cavitation, and the cavitation at the optimized impeller (with 48
evaluations) decreased further. Finally, cavitation was nearly eliminated at the end of optimization
process (i.e., 60 evaluations).

The optimization benefits in overall efficiency and flow characteristic parameters are demonstrated
by the significantly improved flow in the impeller and diffuser tube.

As shown in Figure 12, the optimized impeller geometry had a better matched flow compared with
the original, and the impeller’s exit separated flow was suppressed. As a result, the local mechanical
dissipation decreased and the local entropy production dropped, as seen in Figure 13a. This improved
the local static pressure (Figure 13b) and suppressed rises in temperature (Figure 13c), both of which are
favorable for impeller cavitation mitigation. Thus, the local vapor fraction was significantly reduced
and nearly vanished. As shown in Figure 13d, the scale and intensity of impeller cavitation was almost
eliminated, with the maximum vapor volume fraction on the blade suction side reduced from 0.365 to
0.172.
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In comparison with the original diffuser tube, the optimized geometry largely reduced the diffuser
tube circumferential velocity component (Figure 14a), and the optimized streamlines were much less
rope-like, especially around the centerline (Figure 14b). Consequently, the local mechanical dissipation
decreased in terms of entropy production (Figure 15a), and the local pressure drops and temperature
rises reduced as well (Figure 15b,c), which is favorable for diffuser tube cavitation mitigation as it
largely reduces the local vapor fraction to a minimum. As a result, the intensive vapor fraction around
the centerline was largely reduced. As is shown in Figure 15d, the maximal vapor volume fraction in
the diffuser tube reduced from 0.387 to 0.121.
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5. Concluding Remarks

In the present work, efforts have been made towards cavitation suppression in a liquid turbine
expander through collaborative optimization of an impeller and its fairing cone shapes. The following
conclusions can be made:

(1) The cavitating flow in the originally designed turbine expander was explored. The impeller
cavitation was located around the trailing edge of the impeller blade. The reason for this is
that the impeller blade trailing-edge geometry did not match the impeller exiting flow, which
induced local flow separation. Such flow separation causes local mechanical head dissipation and,
subsequently, local static pressure drops and temperature rises. The combined effect of low static
pressure and a high static temperature is responsible for the local cavitation. In the diffuser tube,
cavitation was located in two regions: the smaller-scale cavitation formed at the impeller blade
trailing, and the larger-scale intensive cavitation formed around the centerline of the diffuser tube.
The former resulted from the propagation of the impeller cavitation, while the latter arose from
the swirling vortex flow in the diffuser tube. Such swirling flow causes considerable flow loss,
subsequently causing local pressure drops and temperature rises, both of which were responsible
for the swirling-flow-associated cavitation around the diffuser tube center core region.

(2) To effectively suppress cavitation in liquid turbine expanders, a well-suited CFD-based design
optimization method was developed. The optimization variables were identified and a flexible
variation of the impeller and fairing cone geometries was simultaneously realized where the
former was tuned on both levels of the 2D meridian profile and the 3D blade geometry, and
the latter was tuned in 2D dimensions. A novel objective function was deliberately established
by allowing for both swirling flow and cavitation characteristics, driving the optimizer to
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search for deswirling and cavitation-resistant geometries. A kriging surrogate model with an
adaptive sampling strategy and the CCEA were incorporated to solve the highly nonlinear design
optimization globally with a high convergence rate.

(3) The optimized impeller meridian profile and blade shape and fairing cone geometry all deviated
significantly from the original, and were proven favorable for combing the impeller and diffuser
tube flow, thus mitigating the cavitation: the impeller trailing edge separated flow was effectively
suppressed, the local vapor fraction vanished, the diffuser tube high-swirl flow was significantly
deswirled and the intensive vapor fraction around the centerline was largely reduced.

Optimized impeller geometry permits better matched flow, where the local separated flow
separation around an impeller exit is effectively suppressed and local mechanical dissipation is
subsequently decreased in terms of entropy production. The reduced local pressure drops and
temperature rises are favorable for impeller cavitation mitigation, causing the vapor fraction around
the impeller exit to vanish.

In comparison with the original diffuser tube, the optimized geometry largely reduces the
diffuser tube circumferential velocity component, and the original rope-like swirling flow is effectively
deswirled. Consequently, local mechanical dissipation decreases in terms of entropy production as the
local static pressure rises and the local static temperature drops. These conditions are favorable for
diffuser tube cavitation mitigation and reduction of the local vapor fraction to a minimum.
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Nomenclature

ASU Air-separation unit
CFD Computational fluid dynamics
CCEA Cooperative co-evolution algorithm
R4 The impeller inlet radius
R1 The inner radius at impeller exit
R2 The outer radius at impeller exit
b The inlet width of impeller blade
L The impeller axial length
α1 The inclined angle of the exducer left end-face
β The taper angle of fairing cone
D0/D1 The normalized head diameter of fairing cone
θ0M The maximal circumferential twist angle at impeller mean radius
β0

B0M The blade angle at impeller mean radius
β0

B02 The blade angles at impeller tip
η Overall isentropic efficiency of the turbine expander
V fave The averaged vapor volume fraction at impeller blade suction surface
ζ The loss coefficient of diffuser tube flow
Vcave The averaged circumferential velocity component of diffuser tube flow
Obj The objective function
x Optimization variable vector
C1 ∼ C4 The weight coefficients in Equation (4)

u1
The velocity ratio, u1 = U1√

2×∆hs
, where U1 is the impeller circumferential speed and ∆hs is

the isentropic enthalpy drop
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